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Abstract

The benefits of turboelectric propulsion for aviation, in which a gas generator core
electrically drives motor-powered propulsors, are limited by the mass and losses of
the electric components introduced into the drivetrain. These propulsion systems
are predicted to result in a 15% fuel savings provided that megawatt-class electrical
machines (EMs) and power electronics (PEs) are available with power-to-mass ratios
exceeding 13 kW /kg and 16 kW /kg, respectively.

This thesis proposes an integrated prime mover concept enabled by the material
choices and cooling technology available today. In this concept, an outer rotor, tooth-
and-slot Halbach array is integrated with the low pressure compressor of a low fan
pressure ratio aeroengine. The specific power of the integrated compressor generator is
estimated to be 14.8 kW /kg, exceeding the NASA 2030 goal for aviation applications
of 13 kW /kg for a standalone electric machine for aviation applications.

Relative to a standalone, optimized electrical machine, co-optimization of the EM,
PEs, thermal management system, and turbomachine rim suggests a 38% increase in
system specific power.

Based on these findings and supported by 2D and 3D finite element analysis, a 19.7
kW /kg, megawatt-class, air-cooled tooth-and-slot Halbach array electrical machine
demonstrator is conceived. A detailed design study together with risk mitigation
experiments of key components are carried out, setting the stage for megawatt-class,
high power density, and high efficiency electrical machines for aerospace applications.
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Chapter 1

Introduction

1.1 Background

Advancements in battery, power electronics, and electric generator/motor technology
have renewed interest in electric propulsion for the potential improvement of aircraft
performance. Specifically, electric propulsion is viewed as having the potential to
enable short take-off and landing, reduce fuel burn, produce less noise, and cut back
on emissions for aircraft. These performance benefits could be realizable through
boundary layer ingestion (BLI) and distributed propulsion (DP), both of which elec-
tric propulsion facilitates [7]. In addition, new degrees of freedom in airframe design
may be enabled if the gas generator core and fan are mechanically decoupled.

Due to the relatively low energy-to-mass ratio of batteries compared to jet fuel, it
is likely that larger aircraft will still require gas generator cores as the prime mover
in their propulsion systems. To electrify these aircraft, a generator can extract power
from the core and electrically drive motor-powered propulsors. This type of drivetrain
is known as a turboelectric (TE) propulsion system and is shown in Fig. 1 below [8].

For these types of drivetrains, the potential benefits of BLI and DP must be
considered against the weight and inefficiencies added by the electrical distribution
components. In their STARC-ABL concept, NASA has estimated that re-optimizing
a single aisle aircraft with a TE propulsion system results in a 15% fuel savings [1].

This estimated benefit, however, assumes that the electric machines have a power-
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Figure 1-1: An example turboelectric propulsion system has two turbogenerators on
the wings powering a rear BLI fan via electric power transmission [1].

to-mass ratio, or specific power (SP), of 13 kW /kg, and the power electronics have a
SP of 16 kW /kg. However, a survey of the SPs of existing high-performance electric
machines [2], shown in Fig. 1-2, shows that electric machine SP currently does not

meet these targets with the peak at 8.5 kW /kg in the low kW range.

In a turboelectric propulsion system, power electronics such as AC-to-AC convert-
ers enable the generator and motor to operate at different speeds, provide torque and
speed control, and can reduce the harmonics in the electrical transmission system.
However, for fixed rated power, the power electronics can be just as heavy as the
electric machines. NASA has established a year 2030 target of 15 kW /kg for a single
AC-to-DC or DC-to-AC converter, or 7.5 kW /kg for an AC-to-AC converter [9)].

Figure 1-3 shows the specific power for AC-to-AC converters. Typical multi-
megawatt motor drives found in commercial applications today are for marine propul-
sion applications and their specific powers are in the 2-3 kW /kg range [10]. However,
most prototypes and drives are either converters (DC-to-AC conversion) or invert-
ers (AC-to-DC conversion), so their approximate AC-to-AC converter performance
is estimated by dividing their specific power by two. An inverter prototype at 12
kVA /kg, based on silicon carbide transistor technology, has been demonstrated at the
megawatt level [11]. The University of Nottingham has developed a Si-based, three
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Figure 1-2: A survey of EM SPs from Ref. [2] found that the peak SP today of 8.5
kW /kg is below the NASA target of 13 kW /kg.

level neutral-point-clamped prototype that is projected to have 16.6 kW /kg specific
power [12]. This design exceeds the NASA 2030 target of 7.5 kW /kg [9]. Other

GaN, SiC, and cryogenically cooled Si designs have been proposed that will exceed
7.5 kW /kg [13].
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Figure 1-3: Surveyed power electronics peak at approximately 12 kVA /kg per inverter,
or around 6 kVA /kg for an AC-to-AC converter.

1.2 Challenges in Obtaining High Specific Power

Electric Machines

Two trends can be observed in the electric machine survey in Fig. 1-2 adapted from
Ref. [2]. First, there is a wide range of specific powers for the surveyed machines.
This may be attributed to the designs having different application requirements. For
example, some of the surveyed motors may prioritize efficiency over mass. In ad-
dition, it is unclear which components of the electric machine, such as the thermal
management system (TMS), are accounted for in the quoted specific power value.
Second, the maximum attainable SP appears to decrease with rated power level, with

the highest demonstrated megawatt-class electric machine at 5 kW /kg.

The scaling laws for a simplified electric machine highlight some of the fundamen-
tal challenges with designing megawatt-class, high SP electric machines. The rotor
of the electric machine is modeled as a cylinder of radius r and axial length ¢. The
average electromagnetic torque can then be expressed as the product of the average

electromagnetic shear stress in the airgap, 7, the surface area of the cylinder, and the

30



moment arm (i.e., airgap radius):

T =72nrl)(r) (1.1)

The specific power of the electric machine is then approximated by dividing the

mechanical power by the volume of the rotor

P T2rrQ
VT (12

where U = Qr is the tip speed. Equation 1.2 can be recast in terms of the design

parameters of electromagnetic shear stress, aspect ratio, tip speed, and rated power:
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Equation 1.3 suggests that to maximize electric machine specific power, the elec-
tromagnetic shear stress, length-to-tip radius aspect ratio, and tip speed should be
maximized. However, the achievable electromagnetic shear stress, 7, is limited by
saturation of the magnetic core and the maximum temperature rating of electric ma-
chine components such as the stator winding insulation, both of which are material
properties. The aspect ratio, ¢/r, is limited by rotordynamics and thermal manag-
ment. With regards to thermal management, it is difficult to remove heat from longer
machines for air-cooled designs. Lastly, the tip speed, U, is limited by the structural
integrity of the rotor. High tip speeds increase the stress in the rotor during operation
and may cause it to fail. In addition, this increases the thermal load on the TMS due

to increased windage loss.
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Assuming that these parameters are maximized to their physical limits in an
optimized design, specific power is inversely proportional to the square root of rated
power. This means it is fundamentally challenging to design high power, high specific
power electric machines. In addition, while this scaling law informs how to design
a high SP EM, it does not reflect how the thermal management system and power

electronics are impacted by these design decisions.

1.3 Technology Enablers

The technology enablers for high specific power electric machines and their application

to turboelectric propulsion are divided into two sections:

1. technologies and design methodologies that fundamentally improve the stan-

dalone electric machine specific power, and

2. integrated electric machine drive concepts that improve the overall propulsion

system specific power.

Both avenues for specific power reduction are considered and discussed in the follow-
ing subsections. In particular, the stator processing to minimize core loss is a key
technology enabler for a high specific power, air-cooled electric machine. This topic

is introduced below and discussed in more detail in Chapter 5.

1.3.1 Electric Machine

In Section 1.2, the rotor is assumed to be a solid, cylindrical block of magnetic core
material. However, magnetically, the rotor only needs to be sized large enough to
carry the magnetic flux, and a toroid can be used in place of a solid rotor to save
material. The hoop stress also needs to be considered with this design. A high
pole count electric machine design can further reduce the rotor back iron thickness.
However, the trade-off is that electrical frequency is increased, which in turn increases

electric machine losses and possibly penalizes the power electronics.
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Thin stator laminations may be used to reduce the eddy current loss from the
rotating magnetic field. The material with the lowest core loss that is available
today is iron cobalt vanadium [14]. The thinnest available laminations of iron cobalt
vanadium today are 4 mil or 0.1016 mm thick, which can be difficult to handle
since the material is mechanically weak after an anneal that maximizes magnetic
performance. In addition, the core loss can increase due to trauma imparted on the
cut edge during the lamination processing [15]. Iron cobalt vanadium is typically
processed via stamping or laser cutting. However, photochemical etching is predicted

to minimize the cut edge effect and reduce core loss [16].

Additionally, if a Halbach array of permanent magnets is used, magnetic flux
on the rotor back iron side is cancelled and the stator back iron can be entirely
eliminated [17]. In a Halbach array, azimuthal facing magnets are added between the
radial facing magnets to cancel the flux on one side of the array and reinforce it on
the other, which has the additional benefit of increasing the strength of the magnet
array [17].

Next, to maximize tip speed, a sleeve made from a high strength material (e.g.,
titanium) can be used to retain the permanent magnets. If the rotor is on the inside,
this greatly increases the airgap of the electric machine and worsens performance.
Instead, the rotor can be placed on the outside of the electric machine such that the
rim does not impact the airgap. To produce the required electromagnetic shear stress,
permanent magnets can be used in lieu of electromagnets since they can produce

similar flux densities at lower losses.

Most high power electric machines use some form of liquid cooling. These cooling
systems tend to be heavy and, for an aircraft, the heat must ultimately be dumped
into an air stream. Instead, an aggressive, air-cooling only scheme may be used to
push a large mass flow of air through the air gap and stator. The trade-off is that
such an air-cooling system may require large amounts of input power and requires
careful estimation of the electric machine losses and pressure drops across air flow

paths.
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1.3.2 Integrated Prime Mover Concept

Several conceptual designs targeted at improving electric machine (EM) or power
electronics (PE) SP individually are in progress and are discussed in Section 1.4 below.
However, an approach proposed in this thesis is to physically integrate and co-optimize
the EM, PE, turbomachinery, and thermal management system (TMS) to achieve
greater TE system specific powers, and thus fuel burn reduction. The hypothesis is
that the system-level optimization of the physically integrated subsystems (i.e., EM,
PE, TMS, and turbomachine) improves the performance of TE propulsion systems
over optimizing any component individually. The integrated design may be a key
enabler for building TE-based aircraft with reduced fuel consumption.

Aside from optimizing the total TE system specific power, such physical inte-
gration may eliminate large components such as mechanical gearboxes, oil cooling
systems, and the generator/motor casing. Moreover, air from the gas path of the
turbine may be used to cool the electric machine. The rotor of the electric machine
may contain compressor or turbine blades to eliminate the windage loss that normally

occurs at the rotor surface.

1.4 Related Work

Currently, there is interest from both government agencies and industry in the de-
velopment of light weight, efficient electromechanical conversion devices for aviation.
One example is NASA | which recently proposed the STARC-ABL turboelectric (TE)
concept and is building the NEAT testbed for MW electronics testing [1].

1.4.1 Megawatt Demonstrators

To date, a megawatt (MW) class turboelectric drive that is sufficiently light for electri-
fication of aviation has not been demonstrated. Although MW class electric machines
are operational in both terrestrial power plants and marine electric propulsion sys-

tems, maximizing electric machine efficiency is prioritized over minimizing mass and
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volume in these applications. In addition, these machines are designed for a 50/60
Hz electrical frequency, whereas aircraft already operate at 400 Hz [36] and a turbo-

electric propulsion system could conceivably be designed for even greater frequencies.

Several projects focused on high specific power, megawatt-class demonstrators are
in development. A research group led by Professor Kiruba Haran at the University of
[llinois Urbana-Champaign (UIUC) is developing a one megawatt, slotless, Halbach
array motor targeting a SP of 13.0 kW /kg [18]. This SP includes the mass of the EM
heat sink. In addition, the motor uses a self-pumped air cooling system. In their most
recent publications, UIUC confirmed the stator has been manufactured and tested,
but their Halbach array rotor is incomplete because it was received with misoriented
magnets [18]. A surface permanent magnet rotor was built in its place for preliminary
testing [18].

At the University of Wisconsin-Madison (UW), a research group led by Professor
Thomas Jahns is developing a 23.7 kW /kg, liquid-cooled, inner rotor surface PM
machine that will operate at one megawatt of power [19]. The SP of the EM does
not include the liquid cooling system. Since the machine spins at the high rotational
speed of 20,000 rpm, the magnets on the inner rotor will be retained with a carbon
fiber sleeve. UW is planning to test a 250 kW prototype prior to building the 1 MW

design.

Another surveyed megawatt project is the Lightweight Innovative Generator for
Future Air Transporation (LIFT) project led by PI Professor Chris Gerada at the
University of Nottingham [20]. The objective of this project is to demonstrate a four
megawatt generator with a specific power of 20 kW /kg. This design is an inner rotor,
tooth-and-slot stator electric machine that is liquid cooled. Specifically, oil channels
are inserted in the slot sections to pump coolant and the end windings are cooled by
oil jet impingement [12]. A glass-fiber sleeve isolates the coolant in the stator from
the rotor [12].

In addition to these three published EMs, General Electric (GE) stated in a 2017
white paper that they have demonstrated a one megawatt motor at 98% efficiency

[21]. However, additional details on this design have not been found in published
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literature.

1.4.2 Integrated Prime Mover Concepts

The concept of integrating the electric machine with the gas generator core has been
explored in the “oil-free gas turbine engine” concept [22]. One example of electric
machine and turbomachine integration is the AlliedSignal Under-Armor APU demon-
strator [22]. In this design, the generator/motor was integrated onto the turboma-
chine spool between the compressor and turbine and successfully demonstrated in the
Abrams M1A1 tank.

Other ideas have been proposed in patents. For example, one concept proposes
installing permanent magnets into the tips of the fan blades and electromagnets in
the case [23]. In another concept, the turbomachine shaft is replaced entirely with
electric machines for torque transfer [24]. Counter rotating rotor stages can replace
the turbomachine stator rows, which improves power transfer, reduces the number of
turbomachine blade rows, and therefore increases specific power. Neither the detailed
design nor demonstration of these concepts is found in literature.

Several integrated prime mover concepts specifically intended for turboelectric
propulsion systems have been published. One such concept is a University of Illinois
Urbana-Champaign concept in which an inner rotor permanent magnet synchronous
machine is integrated with a propellor for a small passenger aircraft [25]. In this
design concept, the overall propellor and electric machine subsystem is optimized,
but the two components are not physically integrated. A concept design in which the

electric machine and propellor are integrated is proposed in Ref. [26].

1.5 Thesis Objectives and Contributions

The first part of this thesis is the conceptual design of an integrated prime mover
(IPM) in which an electric machine is embedded into a turbomachine, similar to
the concepts discussed in Section 1.4.2. This IPM differs from the surveyed designs

in that the electric machine is not retrofitted into an existing turbomachine engine.
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Instead, the turbomachine engine is re-designed to optimize the overall specific power
of the IPM system. The first objective of this thesis is to evaluate feasibility of
this integrated design by re-optimizing a baseline low fan pressure ratio engine for
integration. The second objective of this thesis, accomplished in parallel, is to
maximize the overall IPM system specific power. Due to the absence of published IPM
designs for comparison, this specific power is compared against the NASA targets for
turboelectric propulsion [9].

The second part of this thesis is the conceptual and detailed design of a megawatt-
class technical demonstrator. The third objective of this thesis is to identify
a megawatt demonstrator design point for a technical demonstration. This is ac-
complished via a novel co-optimization methodolody which maximizes system-level
specific power. The fourth and final objective of this thesis is to take this inte-
grated design through a detailed design phase. This detailed design will ultimately be
used in a technical demonstration to verify the predicted performance. This technical

demonstration will test the

1. aggressive air-cooling of an integrated, high specific power electric machine;

2. structural integrity and rotordynamics of the turbomachine-integrated, high

speed Halbach array rotor;
3. low-loss tooth-and-slot stator; and

4. integrated, high specific power electronics.

The contributions and key learnings of this thesis are the following:

» A novel integrated prime mover concept is feasible with the materials and tech-
nology available today. In this concept, an outer rotor, tooth-and-slot Halbach
array is integrated with the low pressure compressor of a low fan pressure ratio
engine. The integrated compressor generator module is predicted to have a spe-
cific power of 14.8 kW /kg, which exceeds the NASA 2030 target of 13 kW /kg

for a standalone electric machine.
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o Co-optimization of the electric machine, power electronics, thermal management
system, and turbomachine rim results in a 38% greater predicted system specific
power than optimizing for a standalone electric machine. Therefore, there is a
substantial benefit for turboelectric propulsion applications from optimizing the

system-level performance of the various subsystems.

« Lastly, a novel 19.7 kW /kg, air-cooled tooth-and-slot Halbach array machine
design is proposed for the first time for a technical demonstration. This pre-
dicted performance is supported by 2D and 3D finite element analysis. The
detailed design of the machine is complete, and initial bench tests have verified

subsystem performance.

The work in this thesis involved many collaborators. Any contributions from col-
laborators will be explicitly stated beforehand. More broadly, Yuankang Chen lead
the research effort on the mechanical and thermal subsystems and helped with the
electromagnetic models for Chapter 2 [27]. Mohammad Qasim and Mr. David Ot-
ten are developing the power electronics for the demonstrator [28]. David Gonzalez
Cuadrado developed the coolant flow system and superstructures of the demonstra-
tor. Professor James Kirtley Jr. created the Halbach array model used in Chapters
3 and 4 and Appendix C. Mr. Marc Amato of Innova-Logic lead the manufacturing
of the demonstrator and provided the photos in Chapter 5 where indicated. Lastly,
Henry Andersen assisted with the stator field model in Chapter 4.

1.6 Key Differentiators

The megawatt demonstrator in this thesis differs from other machines discussed in

Section 1.4 in several ways:

1. it is a co-optimized design of an electrical machine, thermal management system,

turbomachine rim, and power electronics;

2. the demonstrator utilizes a combination of a slotted stator and an outer rotor
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Halbach array design which is predicted to have the highest SP of surveyed PM

motor types;

3. it employs a physically integrated architecture which minimizes power electronic

lead lengths and air cooling flow paths;

4. the high specific power electric machine is enabled via an air-cooled, outer rotor,

turbo-integrated configuration; and

5. single phase, full bridge power electronics are integrated into the design.

In comparison to the published University of Illinois Urbana-Champaign (UIUC),
University of Wisconsin (UW), and University of Nottingham electric machine de-
signs, the design in this thesis differs in its combination of geometry, topology, and
design rotational speed. While the thesis, UIUC, and UW electric machines are all
designed for one megawatt, the University of Nottingham electric machine is actually
designed for four megawatts. The details of each design are summarized in Table 1.1.
Unlike the UW and University of Nottingham designs, the design in this thesis uses
an outer rotor geometry to facilitate integration with turbomachinery. This outer
rotor design helps secure the magnets in place at high speed operation. In addition,
while the UIUC also uses an outer rotor geometry, the design of this thesis differs
in that it has a tooth-and-slot stator. Both the outer rotor and tooth-and-slot de-
sign decisions are based on a trade space study comparing different design options.
In this project, it was concluded that the tooth-and-slot Halbach array combination
conceptually offers the highest SP compared to surface PM and slotless architectures
for outer rotor geometries. In addition, the MIT EM design differs from UW, UIUC,
and University of Nottingham in that it has a lower rotational speed. Relative to the
UW and UIUC designs, the design in this thesis likely has a relatively lower speed
because the design assumes a core loss safety factor of two, which is discussed in
further detail in Chapter 4. The full bridge power electronics topology is predicted to
have a standalone specific power of 37.8 kW /kg based on mass buildup models and
early prototypes [29].
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Table 1.1: Each demonstrator electric machine design optimized to different geome-
tries, topologies, and design parameters.

Thesis University UIucC University
Design of 2018-2019 of
Wisconsin [18], [31] Nottingham
2019 [30], 2021 [32]
[19]
Electric Radial PM Radial PM Radial PM Radial PM
Machine Type | Synchronous SM SM SM
Machine
Geometry Outer Rotor | Inner Rotor Outer Rotor Inner Rotor
Rotor Type Four Block Surface Six Block Four Block
Halbach Mount Halbach Halbach Array
Array Array
Stator Type Tooth-and- Tooth-and- Slotless Tooth-and-
Slot Slot Slot
Cooling Air-cooled Liquid-cooled | Self pumped | Liquid-cooled
Technique air-cooled
Rated Power 1 1 1 4
[MW]
Estimated 12.8 7.5 7.2 6.6
Demonstrator
SP [kW /kg|
Electric 19.7 23.7 13.0 17.5
Machine SP
(kW /kg]
Angular Speed 12,500 20,000 15,000 15,000
[rpm)]
Shear Stress 35, 5.0 51,74 23, 3.3 104, 15
[kPa, psi]
Slot Current 13.3 28.3 10.3 38.9
Density
[Apk/mm?]
Number of Pole 10 6 10 4
Pairs [-]
Electrical 2083.3 2000 2500 1000
Frequency [Hz|
Switching 80 20 - 15
Frequency [kHz]
Ripple 160 - - -

Frequency [kHz]
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1.7 Thesis Organization

Chapter 2 details the integrated prime mover study. Trade-offs between different
architectures and EM types are discussed, and a conceptual design is presented at
the end. Next, Chapter 3 builds on the framework from Chapter 2 to identify a
candidate design for a one megawatt demonstrator. The details of the candidate
one megawatt demonstrator design are worked out in Chapter 4. Bench tests to
characterize the subsystem performance of the demonstrator are discussed in Chapter
5. Finally, Chapter 6 summarizes the work of this thesis and discusses directions for

future work.
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Chapter 2

Integrated Prime Mover Study

2.1 Introduction

An integrated prime mover (IPM) is defined as an electric machine that shares a
rotor, cooling system, and support structures with a turbomachine. The potential
benefit of an IPM is improved turboelectric system specific power (SP). Different
IPMs may be conceptualized based on various combinations of electric machine types
and locations for integration within a turbomachine. In this chapter, a trade space
analysis is performed and used to select a single IPM architecture to take through a
conceptual design in Chapter 3.

The objective of this trade space analysis is to find an IPM with maximum specific
power that can be cooled on the basis of a heat flux metric. This analysis features four
different IPM architectures which are selected based on scaling laws and published
electric machine surveys. The outcome of this study is that the most promising IPM
architecture is a permanent magnet synchronous motor placed radially internal to a
COMPIessor.

The first two sections of this chapter discuss how the broad IPM design space is
reduced to just a few of the IPM architectures with stronger potential. First, the pos-
sibilities for IPM architectures are discussed in Section 2.2. Candidate EM topologies
and geometries are defined which may be feasible for turbomachine integration. Then,

in Section 2.3, scaling laws based on first principles are derived to show that plac-
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ing the EM either radially internal or axially to the turbomachine results in greater
system specific power. Second, based on the maximum tip speeds of existing electric
machines, only the permanent magnet synchronous machine and solid rotor induction
machine are considered eligible for the IPM concept. Therefore the design space is
reduced to just four candidate architectures. These candidate machines are carried
through a trade space analysis in Section 2.4. The results of the trade space analysis
and selection of a single architecture for a conceptual design are discussed in Section

2.5.

2.2 Integrated Prime Mover Architectures

Various IPM architectures are eligible for a more detailed study due to the numerous

combinations of
1. EM geometries,
2. locations for integration within a turbomachine, and
3. electric machine (EM) topologies.

For example, a permanent magnet synchronous electric machine could be integrated
within the low pressure compressor, or a variable reluctance electric machine might
be integrated axially onto the high pressure turbine.

In this section, the first two items, EM geometries and locations for integration, are
discussed. Three IPM architectures are identified by considering common geometries
of EMs and how they might fit within the turbomachine. Section 2.2.1 provides a
survey of the more common geometries. Next, the different locations for integration
within a turbomachine are discussed in Section 2.2.2. Due to low maximum operating
temperatures for electric machines, the low pressure compressor is identified as the
most likely location for EM integration. Finally, three concepts are defined for further

exploration in Section 2.2.3.
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2.2.1 EM Geometry Considerations

The typical outer rotor, inner rotor, and axial electric machine configurations are
considered for the IPM. These three configurations are common in their cylindrical
structure; however, they differ in their magnetic flux paths as well as the relative
locations of the EM rotor and stator as depicted in Fig. 2-1 for permanent magnet
synchronous machines. These EM geometries also exist for other machine types such
as induction machines.

In an outer rotor configuration, the magnetic flux path is radial and the rotor
is located radially exterior to the stator. This arrangement is shown in Fig. 2-la.
The inner rotor configuration in Fig. 2-1b also has a radial flux path, but the rotor
is interior to the stator. Lastly, in an axial configuration, shown in Fig. 2-1c, the
rotor and stator are parallel to each other and the magnetic flux path is in the axial

direction.
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geometry.

Figure 2-1: Drawings of the inner rotor, outer rotor, and axial machine types show
the different stator and rotor configurations.

2.2.2 Locations for Integration Within Turbomachine

For an IPM which generates power, the turbomachine compressor, spool, and turbine
are all rotating components which might be suitable for integration with the rotor of
the electric machine. However, the low radius of the spool limits the EM tip speed
and, as will be shown in Section 2.3, a low tip speed limits the achievable IPM specific
power. The spool is therefore eliminated as a location for integration, which leaves
the compressor and turbine for the IPM architecture.

A first consideration for integrating an EM with either a compressor or turbine is
the environmental temperatures for these components. A standard compressor inlet
temperature is 15°C at sea level and the outlet can reach temperatures on the order

of 300°C depending on the compressor pressure ratio. The turbines, on the other
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hand, have typical inlet temperatures of about 1600°C.

The maximum operating temperatures of current electric machine materials are
comparatively low. Typical winding insulations only operate up to 200°C and magnet
adhesives are generally limited to 260°C [33]. Therefore, short of using exotic, uncon-
ventional materials that are expensive and difficult to work with, electric machines
are generally limited to around 200°C environments.

With this EM temperature limitation, the turbine is a challenging location for
integration due to its gas temperatures greatly exceeding 200°C. The gas temperatures
of the compressor, however, are comparable to the temperature limits of the EM.
However, since the outlet temperatures can reach as high as 300°C, special attention
is required to the thermal design to insulate critical electric machine components from
the hot gas temperatures. In addition, since the inlet gas temperature of a compressor
is low, it may be feasible to bleed air from the compressor to cool the electric machine.
This concept of bleeding air for EM cooling purposes could potentially eliminate the
mass and complexity of a liquid cooling system and it is considered in further detail

in Chapter 3.

2.2.3 IPM Architecture Concepts

Based on the gas path and rotor geometry, three integrated stage designs are con-
ceptualized: the radial external, radial internal, and axial designs. In each of these
configurations, the EM is integrated with at least one stage of a low pressure com-
pressor. In the radial external architecture, shown in Fig. 2-2, an inner rotor electric
machine is placed outside of an axial flow turbomachine. The blades are mounted
on the rim of the EM and protrude radially inward where the air flows between the
rotor and turbomachine stator. The downside to this configuration, which will be
discussed further in Section 2.3, is that the tip speed of the turbomachine blades is
limited which reduces the turbomachine specific power.

In a radial internal architecture, an outer rotor electric machine is placed interior
to an axial flow turbomachine. Similar to the inner rotor geometry, the turbomachine

blades are mounted on the EM rim but protrude radially outward in this case. This
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chitecture.

Figure 2-2: In the radial external architecture, the turbomachine is placed radially
inside the electric machine.

configuration is shown in Fig. 2-3.

Lastly, in the axial architecture, an axial EM rotor is combined with the web and
disk of the turbomachine rotor as shown in Fig. 2-4. The blades again protrude
radially outward from the rim in this case.

In the next section, these three geometries are compared and further details of

the EM are discussed to generate four IPM concepts that can be carried through a

trade space analysis.
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(a) 2D cross-section of the radial internal (b) Isometric view of radial internal ar-
architecture. chitecture.

Figure 2-3: In the radial internal architecture, the turbomachine is placed radially
outside of the electric machine.
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Figure 2-4: In the axial architecture, an axial electric machine is integrated into the
rotor disc.
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2.3 IPM Architecture Down-Selection

In Section 2.2, three IPM architectures are defined based on possible EM geometries
and locations for integration within the turbomachine. Further details of the electric
machine implementation, such as using permanent magnets versus electromagnets, are
considered in this section. This broadens the design space to include 15 combinations
of EM types and IPM architectures. The design space is narrowed to just four designs
on the basis of simple scaling laws for electric machines and turbomachines. In
Sections 2.4 and 2.5, these designs are taken through a trade space analysis to select

just one design to take through a conceptual design stage.

2.3.1 Scaling Laws

First, scaling laws based on first principles are derived for the turbomachine blades.
Second, scaling laws are derived for the electric machine. These scaling laws reveal
two important parameters for the scaling of both turbomachine and EM specific
power: tip radius, r;, and mechanical rotational speed, €). The separate scaling laws

are integrated to obtain scaling laws for the integrated stage concepts.

Turbomachinery Scaling Laws

The turbomachinery scaling laws were originally derived by colleague Yuankang Chen
[27] and are briefly summarized here. Ounly the turbomachine rotors and stators are
considered in these scaling laws. Other components, such as the rotor bore or web,
affect specific power, but are not considered here because they are included in the
support structure.

From the first law of thermodynamics, the turbomachine rotor power is the prod-
uct of the mass flow through the rotor and the change in stagnation enthalpy. As-
suming uniform air flow through a turbomachine rotor with tip radius r; and hub
radius 7, the mass flow is the product of the density of air, p,, annulus area, and

flow velocity, c,:

51



m = paw(rf - r,%)cx = pam“tg(l — XTM2)CI (2.1)

where yTy = 73/7¢ is the rotor hub-to-tip radius ratio. Next, the change in stagnation
enthalpy and the flow velocity are expressed in terms of common nondimensional
turbomachine design parameters known as the work coefficient, ¢, and flow coefficent,

¢. These coefficients are defined as

Ahy = U2

Cy = ¢Um

(2.2)

where U, is the tip speed at the mean blade radius, (r; + ) /2. The work and flow
coefficients are unitless. The stagnation enthalpy, Ah;, has units of J/kg or m?/s?,
which is the same as tip speed squared. Similarly, the flow velocity, ¢,, has units of
m/s, which is the same as tip speed. Combining Eqn. 2.1 and Eqn. 2.2 with the
first law of thermodynamics, the rotor power is expressed as a function of tip radius,

angular speed, and other turbomachine design parameters:

Pturbo = mAh/t

= paTWtQ(l - XTMQ)Cwagz

= pawrf(l — XTMQ)gb@/JUT?;L (2.3)
= pamr(1 = x1aa®)$ry (1 + 14 /1e)° OF
(1 +xm)’

= Yppam(1 — XTMQ) 3 7”?93

Next, assuming t; is the average blade thickness and s is the blade pitch, the blade

volume, Vilades, 18 approximated as a fraction of the total flow volume,

Vblades = ib (7T7”t2 (1 - X’QFM) 5) (2.4)

Then, the mass of the turbomachine rotor and stator blades is simply the product of

the mass density of the blades, py, piades, and the blade volume Vijqges:
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ty 14
Mturbo = pm,bladesg/ﬁ(l - XTMQ)T‘*T}%3 (25)
t

The specific power of the turbomachine Zy,,1, is turbomachine power divided by mass:

Pur (o] a 1 3
St = Lonbe _ g o (LEXTM) s (2.6)

ty £
Miurbo Pm,blades Sf Tt

Therefore, the turbomachine SP increases with tip radius squared and angular speed

cubed.

2.3.2 Electric Machine Scaling Laws

Two scaling laws are presented in this subsection: one for radial flux machines, and
one for axial flux machines. The radial flux scaling laws cover both outer rotor and

inner rotor machines.

Radial Flux Machines

For both inner and outer rotor electric machines, the torque on an electric machine
rotor can be expressed as the product of the average electromagnetic shear stress, T,
the area of the electromagnetic air gap, 27r/, and the tip radius of the rotor which

is defined as the airgap radius:

T =7 27mrd)r. (2.7)

The mechanical power of the electric machine is then

[
P vadial = TQ = 7271 d)ri) = 277 () Q) (2.8)

Tt
In this simplified EM scaling law, only the masses of the ferromagnetic rotor and
stator back irons are considered. Other components such as EM windings or magnets
are ignored for now since they are specific to the EM topology and do not scale in as

simple of a manner. The rotor back iron of the electric machine must be sufficiently
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thick to guide the magnetic flux of half of a pole. The magnetic flux in the back iron

of thickness t,,; is

Prbi = Brbitibil (2.9)

Similarly, assuming the magnetic flux density is sinusoidal with the azimuth angle,

the flux from a pole is

27}‘@

¢pole = Bag? (210)
p

where N, is the number of rotor poles. The necessary back iron thickness is therefore

solved via Eqn. 2.9 and Eqn. 2.10:

Bag 27"1/

Lebi = 2.11
b Brbi Np ( )
The thickness of the stator back iron, tg,;, is similarly
Ba 27’}
topi = —2 7 2.12
b Bsbi Np ( )

The rotor and stator thicknesses can be minimized by sizing them such that their flux
densities, By, and By, are close to the saturation levels of their materials, Bg,. For
a high performance ferromagnetic material such as iron cobalt, the saturation flux
density is close to 2.1 T. As evident from Eqns. 2.11 and 2.12, increasing the number
of poles reduces the back iron thickness and hence mass. However, this model does
not capture the fact that this also increases the electrical frequency and magnet-to-
magnet flux leakage. Increasing electrical frequency increases core loss, proximity
and skin effect losses in the windings, and permanent magnet losses, if applicable.
Therefore there is a trade-off between mass and efficiency when choosing the number
of poles in practice.

Assuming the total component thickness is much smaller than the tip radius, the
electric machine volume is approximated as an annular cylinder with mean radius r,

length ¢, and thickness (i + tspi). The mass is simply this volume times the mass
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density of the ferromagnetic material, as shown in Eqn. 2.13.

Mem radial = pm,emQﬂ-rte (trbi + tsbi)

) (2.13)

B
= Pm,em8 4 -
pm. i <Bsath

Combing Eqns. 2.8 and 2.13, the specific power of the electric machine, =, is then:
—_ Pem,radial ay

Zem,radial = - B (214)
Mem,radial 4pm em (B j]g\/ )
’ sa P

Similar to the turbomachine rotor blades, the radial flux electirc machine SP scales
proportional to speed. However, unlike the turbomachine, this SP is independent of

tip radius.

Axial Flux Machines

The scaling law for an axial flux EM is derived in a similar manner to that of a radial
flux EM. Due to the different flux path, the shear stress interface has a different area
than that of a radial machine and the total moment is calculated by integrating the

shear stress over this area

2T rro
T:/ / 7r (rdrdf)
0 T
23 3 (2.15)
=27 |2 — =+
55

The average shear stress used for the torque in Eqn. 2.15 is the average in both
the azimuthal and radial directions. The power is simply the torque times rotational
speed:

2
Pem,axial = 7_-%(713 - TS)Q (216)

The thickness of the rotor back iron is again set by equating the flux carried in the

back iron with the flux from half a pole:

Bag T (TO + TZ')
Brbi Np

Fs = (2.17)
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and

" _Bagﬂ(ro‘i"f’i)
sbi — Bsbi Np

(2.18)

where a sinusoidal flux density in the airgap is again assumed. If both the back irons
are sized for saturation, or By, = By = Bsat, then the electric machine mass is
calculated as an annular cylinder of back iron with inner and outer radii, r; and r,,

respectively, and length (¢.p; + tepi):

Mem,axial = pm,emﬂ-(fr‘g - r?)(trbi + tsbi)

B (2.19)
2 2 ag
= Pm,emT\T, —17; ) \To i
e (73 = 8) 0o+ 1) ()
Combining Eqns. 2.16 and 2.19 The specific power of the electric machine Zep axial 15
then:
— Pem,axial
Sem,axial — —
Mem,axial
Lridrgr+r2 1 _
=302 2 _Bag | 2.20
3rs+2ror; + 15 NpBibi ( )
T 32, o+ 2xem + 1 P
Xem Xem NpBSat
where Yem = . In the limiting case where r, = r;, then Eqn. 2.19 collapses to

Ti

Eqn. 2.14. In all practical cases, xem Will be greater than one. Therefore, if all other
parameters are held constant, the axial electric machine SP will be lower than that

of the radial EM.

2.3.3 Integrated Architecture Scaling

The specific power scaling of the different integrated architectures is derived by com-
bining the scaling of the turbomachinery and electric machines derived above. The
total specific power for the integrated architecture is

Pipy

= = 2.21
oM Mem + Miurbo ( )
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This total SP can be expressed in terms of the individual EM and TM SPs as shown in
Eqn. 2.22 below. Therefore, maximization of the total integrated prime mover specific

power is equivalent to minimization of each of the electric machine and turbomachine

SPs.

ZIPM = =7 =1 (2.22)

Radial Internal and External

The specific power of both the radial internal is derived by combining Eqns. 2.6, 2.14,
and 2.22:

-1

—_ 7 1 Pm,blades 8% rL 1
Sradial = Q + — : ! 3772 (223)
dpmem (52%) VO Pa (L+xam) UF

Since the radial EM scaling law is independent of whether the EM rotor is on the
inside or outside, the radial external architecture has an identical form. The SP
of both radial architectures scale linearly with rotational speed. Assuming identical
electric machine designs, the two radial architectures will differ in the turbomachine

SP. Specifically, the achievable tip speed, Uy, is different.

Axial

The axial IPM specific power is derived by combining Eqns. 2.6, 2.20, and 2.22.
Like the radial IPM architectures, the axial IPM SP increases linearly with rotational
speed. The specific power of the axial machine is similar except that the electric

machine scaling differs from that of the radial architectures.

-1
— 1 sz + Xem + 1 T ipm,blades 8%7}7 1

Saxial = 2 B 3772
2 J—
3 Xem + Xem + Bspi]gvp 1/}¢ Pa (]. + XTM) Ut

(2.24)

These architectures do not yet consider the type of electric machine that will be

integrated with the turbomachinery. The next section reviews different EM topologies
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feasible for aerospace applications. Pros and cons of each topology are evaluated to

down-select to the topologies that merit further study for the IPM design.

2.3.4 EM Topologies for Integration

Figure 2-5, adapted from Ref. [3], shows various EM configurations that are poten-
tially suitable for aerospace applications and that were initially considered for the
IPM. This list is not exhaustive, but summarizes the more common EM topologies

that could be used in aerospace applications.

( Electric Machines )
for IPM

[ Brushless ] { Brush l

Solid Rotor | |Squirrel Cage |
Induction Induction

- N
Permanent

e e N
‘Wound
Magnet
\ )

Field

[ Reluctance l

Figure 2-5: Various EM topologies were considered prior to beginning the detailed
trade analysis [3].

The EM topologies are first separated into two categories: brushless and brush ma-
chines. In brush machines, electricity is conducted from a stationary carbon contact
(i.e., brush) on the stator to rotating slip rings attached to the rotor. The issue with
brushes is that they degrade fast and spark [34]. During World War II, the rapid de-
terioration of the brush lead to failure of the DC generators in high-altitude bombers,
which in part motivated the development of the brushless motors [34]. Therefore, for
an aerospace application - where machine life is critical and sparking is unacceptable
- these brush-type machines are excluded from further consideration.

The brushless category consists of a variety of machines: wound field, permanent
magnet, squirrel cage induction, solid rotor induction, and reluctance machines. Both
the wound field and permanent magnet machines are synchronous machines. The
difference between the two is that wound field machines have electromagnets on both

the stator and rotor, whereas permanent magnet machines have PMs on either the
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stator or rotor, with the latter being far more common. Most reluctance machines
are operated to be synchronous via power electronics.

Both the squirrel cage and solid rotor induction machines are asynchronous ma-
chines in which the rotor leads or lags the stator depending on whether the machine
is operating as a generator or motor, respectively. The coated, solid rotor induction
machine, in which a solid copper layer surrounds ferromagnetic material, offers both
relatively high efficiency and high tip speed [6].

There are therefore six EM types that were considered for the IPM: wound field
synchronous, reluctance, solid rotor induction, squirrel cage induction, and permanent
magnet synchronous machines. The following subsections describe the pros, cons, and

feasibility of these different machines for the IPM architecture.

Wound Field Synchronous Machine

Wound-field synchronous machines (WFSMs) are used extensively as starter gener-
ators in commercial aircraft such as the Boeing 777, Boeing 787, Airbus 340, and
Airbus 380 [35]. In a WFSM, separate electromagnets are used on the rotor and
stator to generate magnetic fields at synchronous speed. Although WFSMs have
simple control, fail-safe operation, and a precedent for application in aerospace, the
electromagnet in the WFSM rotor generates comparatively high loss to permanent
magnets in a PMSM machine. Therefore, the WFSM cannot compete with PM mo-
tors on the basis of efficiency or specific power except perhaps at very high power
levels where the cost of PMs may become prohibitive. In addition, at high power
levels, the losses in the field winding are relatively small due to the larger WEF'SM size
and the electromagnets can produce higher flux densities than permanent magnets.
To achieve brushless excitation on the rotor side, one solution is to place a rotating
diode rectifier on the WFSM rotor shaft [36]. This rotating diode rectifier limits the
maximum speed, adds mass to the WFSM system, and therefore limits the maximum
SP of the WFSM. Other solutions for exciting the WFSM, such as using a separate
permanent magnet synchronous generator, likewise limit the maximum achievable SP

of the WFSM due to the heavy mass of this generator.
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(a) 2D cross-section of a wound field syn-
chronous machine. (b) Isolateral view of the WEFSM.

Figure 2-6: In a wound field synchronous machine, both the rotor and stator have
windings. The rotor must be excited with a separate component not shown here.

Reluctance Machine

Reluctance machines have been used as starter generators in military aircraft such
as the Lockheed Martin F-22 [37] in the early 2000s. An attractive feature of the
reluctance machine is its simple construction: both the stator and rotor are made
entirely of ferromagnetic material, with an electromagnet wound only on the stator
side. Construction of these reluctance machines are therefore cheap. In addition, this
simple structure allows the reluctance machine rotor to operate at high temperatures.

Due to non-sinusoidal waveforms, reluctance machines require more complicated
power electronics than the other EM types. In addition, the salient pole structure
of the reluctance machine poses several disadvantages. These salient poles generate
increased windage loss and also mechanically limit the maximum tip speed of the
reluctance machine due to stress concentration in these poles. Reluctance machines
also tend to have low efficiencies compared to solid rotor induction and permanent

magnet machines.
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(a) 2D cross-section of a variable reluc- (b) Isolateral view of the variable reluc-
tance machine. tance machine.

Figure 2-7: In a variable reluctance machine, only the stator has windings. Torque is
generated due to the saliency (non-uniformity) of its rotor structure.

Induction Machines

In an induction machine, the stator windings generate a magnetic field which induces
currents in the rotor. The rotor currents in turn establish a magnetic field which
interacts with the stator field to generate torque. Two types of induction machines
are the squirrel cage induction machine and solid rotor induction machine. In a
squirrel cage induction machine, conductive material is embedded into grooves in the
ferromagnetic rotor or stator and connected at the axial ends of the machine via
conductive rings. In a solid rotor induction machine, the rotor is a solid cylinder
of ferromagnetic material which may be coated with a conductive material such as
copper. Although just having this ferromagnetic rotor is sufficient to generate torque,

a thin conductive shell may be added for improved performance [6].

Due to its simple cylindrical rotor structure consisting of just ferromagnetic and
conducting material, the solid rotor induction machine offers some of the greatest EM
tip speeds at high power. Induction machines can be operated over a much wider
range of speeds than permanent magnet machines at high efficiency. However, PM
machines reach higher peak efficiencies due to lower rotor losses. The higher efficiency

of the PM machine may be important in an aerospace application where the majority
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(a) 2D cross-section of a solid rotor in- (b) Isolateral view of the solid rotor in-
duction machine. duction machine.

Figure 2-8: In the solid rotor induction machine, the stator has windings and the
rotor consists of a solid conductive shell surrounding the rotor back iron.

of the mission is at cruise. In addition, the solid rotor induction machine efficiency

limits its maximum achievable specific power.

Permanent Magnet Machine

The components and layout of a permanent magnet machine were shown previously
in Figs. 2-1. For fixed volume, permanent magnets generate comparatively large
magnetic fields to those of electromagnets. Although the PMs are subject to losses
due to eddy currents from the slots modulating the stator magnetic field, these losses
are manageable via careful airgap sizing and slot design. The result is that PM
machines are typically more efficient and power dense than the other machine types.

One drawback to permanent magnet machines is that the permanent magnets have
a maximum operating temperature beyond which the PMs experience irreversible de-
magnetization. In addition, the PMs have a temperature limit (the Curie tempera-
ture) at which point they are fully demagnetized. This demagnetization is irreversible
in that once the temperature is reduced, the magnetization does not return. Second,
the PMs are typically secured to the rotor via an adhesive. This adhesive can limit

the achievable tip speeds in PM machines. Sleeves made out of conductive materials
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such as Titanium or fibers such as carbon or glass may be used to secure the magnets,

but these add mass and possibly eddy current losses. In an inner rotor configuration,

these sleeves could also expand the air gap, reducing torque.

Lastly, unlike elec-

tromagnets, PMs are not controllable, which can lead to safety issues because the

induced voltage at the power electronics terminals is non-zero.

2.3.5 EM Topology Summary

At a high-level, the benefits and drawbacks of the different EM types are summarized

in Table 2.1.

Table 2.1: Comparison of candidate EM topologies.

Machine Type

Benefits

Drawbacks

Wound-field syn-
chronous machines

e Proven EM technol-
ogy in aerospace ap-
plications

o Additional exciter
machine required

o Ohmic losses gen-
erated from rotor
winding

Reluctance machines

o Ease of manufacture

« No winding on rotor
reduces total Ohmic
loss

o Poor efficiency due
to  nonsinusoidal
waveforms

o Complex  power
electronics control

Induction machine

« High tip speeds ob-
tainable

o« Wide speed range
operation

e« Low power factor
and efficiency com-
pared to PM ma-
chines

o Performance is load
dependent which is
not ideal for a gen-

erator
Permanent magnet » High efficiency o Risk of irreversible
machines demagnetization
o Risk of damaging
power  electronics

during short circuit
¢ Risk of fire in event
of insulation failure
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2.3.6 IPM Down-Selection

Turbomachine tip speeds in modern jet engines reach up to 450 m/s at takeoff [38].
However, a survey of electric machines found that maximum reported EM rotor tip
speeds reach between 200 to 400 m/s depending on EM rotor type (e.g., permanent
magnet, induction, etc.) [6]. These maximum reported tip speeds are used to down
select to the most promising IPM architectures.

Table 2.2: Highest surveyed tip speeds of different electric machine types summarized
from Ref. [6].

Machine Type Tip Speed (m/s)
Solid Rotor Induction Machine 400
Surface Permanent Magnet Machine 300
Solid Caged Induction Machine 236
Switched Reluctance Machine 210

The derived EM scaling laws and surveyed EMs do not indicate a difference in
specific power between the inner rotor and outer rotor EM designs. However, the
placement of the turbomachine compressor on the inside or outside of the electric
machine will affect the turbomachine SP based on the scaling from Section 2.3.1.
Specifically, the compressor tip speed is limited to below its optimized tip speed of
450 m/s in a turbofan if it is to be placed interior to the electric machine.

For example, based on the maximum tip speeds from Ref. [6], an IPM with a
solid rotor induction machine external to the compressor will limit its tip speed to a
maximum of 400 m/s. Since the turbomachine specific power scales with tip speed
squared, this is a projected 1—(400m/s)* / (450 m/s)* = 21% reduction in its SP. For
permanent magnet machines with a maximum reported tip speed of 300 m/s, this tip
speed mismatch would result in a projected 66% reduction. A 72.5% turbomachine
compressor SP reduction is projected for a squirrel cage induction machine with a
maximum reported tip speed of 236 m/s. Lastly, for the reluctance machine with a
maximum reported tip speed of 210 m/s, this would result in an 80% reduction in the
turbomachine compressor SP. These estimates may be optimistic since they assume

the tip speeds for standalone electric machines are still achievable when the rotors
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are loaded with compressor blades.

Since the electric machine tip speed limit is anticipated to penalize the turbo-
machine specific power by 21% even with a high speed, coated solid rotor induction
machine, the radial external IPM architecture is excluded from a more detailed study.
Even if the electric machine is placed internal to the compressor, the squirrel cage
induction and reluctance machine tip speeds are sufficiently low such that they are
expected to limit the turbomachine compressor blade tip speeds and thus its specific
power. Although a 250 kW switched reluctance machine developed by GE Corpo-
rate Research & Development was used as an integrated starter generator for a more
electric aircraft intiative, this reluctance machine is estimated to only reach 185 m/s
tip speed based on the 6.25 inch rotor diameter and 22,224 rpm rotational speeds
reported in Ref. [39] and Ref. [40], respectively.

Therefore, only the coated, solid rotor induction and surface permanent magnet
machines are considered in the trade study of this chapter due to their higher tip
speeds. If the IPM optimizes to a sub-300 m/s tip speed, the squirrel cage and

switch reluctance machines could be viable.

2.3.7 Summary of IPM Architecture Selection

Ultimately, two EM topologies were selected for the IPM design space exploration
as having the most potential from a specific power point-of-view: the solid rotor
induction and permanent magnet machines. Of the three different IPM geometries,
the radial external architecture SP was eliminated due to the maximum EM tip speed
limiting the compressor or fan tip speed and resulting in a low IPM specific power.

Therefore, only four architectures were selected for a more detailed study:

1. radial internal solid-rotor induction,
2. radial internal permanent magnet,
3. axial solid-rotor induction, and

4. axial permanent magnet architecture.
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In the next section, more detailed models for each of these architectures are used in
a trade space exploration. A single architecture with the most promise is selected in

Section 2.5.

2.4 Design Space Exploration

With four integrated prime mover architectures selected for a more detailed analysis,
a framework was developed to assess the feasibility and performance of each. This
framework focuses on the EM design only to identify a single IPM architecture for
a more detailed design in Chapter 3. The framework, models, and parameters were
developed in collaboration with colleague Yuankang Chen [27]. The presented results

are unique to this thesis.

2.4.1 Framework

Based on a set of material and design parameters described in the following subsec-
tions, this framework first sizes the electric machine by calculating the maximum EM
shear stress that can be produced at each tip radius. This calculation accounts for
the magnetomotive force (MMF') drop across the steel. The machine design therefore
closes at the tip radius where the both shear stresses match. The framework then
calculates the mass of the different electric machine components (windings, steel, and
magnets), and the ohmic, core, and windage losses. Lastly, these losses in the rotor
and stator are used to generate the output of the framework: specific power and
heat flux. The outcome of this design space exploration is a comparison of the mag-
nitudes and trends of SP and heat flux for the four candidate architectures. In the
next subsections, the models, performance metrics, material assumptions, and input

parameters of the framework are discussed.

Models

The detailed sizing and loss models for all four machine types are presented in Ap-

pendix A. At a high level, the EMs are sized by expanding the electromagnetic shear
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stress as the product of the air gap flux density from the rotor and the stator surface
current density. This approach is based on that from Ref. [41]. From the Maxwell
stress tensor [41], the average electromagnetic shear stress in the air gap, 7, is ex-
pressed as the product of the magnitudes of the air gap flux density, B,, and the

stator surface current density, Kj:

B, K,
5

7=

(2.25)

The air gap flux density is produced on the rotor side either by induced currents in
the conductive shell or permanent magnets, depending on machine type. The surface
current density, on the other hand, is produced on the stator side. The currents in the
slot windings are approximated as an equivalent current sheet at the air gap interface
whose magnitude depends on the current density of the windings. This equivalence

is expressed as

Ks = (1 - ftooth)t]mttootm (226)

where fiootn is the fraction of a pole occupied by the stator tooth, .J,, is the slot
current density, and .0, is the stator tooth thickness, and approximately the winding
thickness. To maximize electromagnetic shear stress, this surface current density
is assumed to be the minimum of two limits: the tooth tip magnetic saturation
limit, K g4, which varies between machine type, and a spatial limit, K ,,, due to
the maximum winding thickness possible. The parameter K, varies depending on

magnetic flux direction.

The permanent magnet machine is sized by considering the remanent flux density
of the PMs and sizing them to produce the desired shear stress while taking into
account MMF drops across the teeth and back iron. The induction machine is sized
similarly, except the air gap flux is generated by the induced currents in the rotor

and has a different form. The details of both sizing models are available in Appendix

A.
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Performance Metrics

As mentioned previously, the specific power is defined as output power divided by
machine mass:

Pem
Zem = —— (2.27)

Mem

where Mgy, is the EM mass. For the induction machine, this mass consists of the
stator back iron, stator teeth stator windings, conductive shell on the rotor, and the
rotor back iron. For the PM machine, this mass consists of the stator back iron,
stator teeth, stator windings, rotor permanent magnets, and rotor back iron. Since
the specific power uses output power as opposed to input power, machines with low
mass but high losses are also penalized since they need to be rated for greater input
powers.

Without a thermal model to estimate hotspot temperatures in the IPMs, the
thermal feasibility of the different architectures is unknown. Instead, heat flux is
used as a surrogate for a hotspot temperature model. A large heat flux represents a
machine that is challenging to cool'. Therefore, the two performance metrics of the
design space exploration framework in this chapter are specific power and heat flux.

The heat flux metric was developed by colleague Yuankang Chen and is estimated
by considering the losses in the EM and dividing by the available cooling surface area.

The total machine heat flux is the lost power divided by total cooling surface area A:

-Ploss GE _
— _— 1 —
A Ui A/27r? (L=n)7

(2.28)

Equation 2.28 indicates that the heat flux scales linearly with tip speed, electro-
magnetic shear stress, machine geometry, and inefficiency. Since specific power also
scales linearly with tip speed and shear stress, these variables trade specific power and
cooling requirements. The machine geometry is ultimately limited by rotordynamics
and thermal constraints, with shorter machines presenting rotordynamic challenges

and longer machines limiting heat extraction from the center of the machine. Lastly

!The actual hotspot temperatures are considered in Chapter 3 for the selected architecture.
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A/27r? is the fraction of the EM surface area utilized for cooling. As expected, the
heat flux decreases when a greater fraction of the EM surface area is available for

cooling.

Material Assumptions

In this trade space analysis, the electric machines are assumed to use commercial
materials available today. The windings and, in the case of the solid rotor induction
machine, the conductive shell are both assumed to be made of copper. For both
the permanent magnet and induction machines, the stator and rotor back irons are
assumed to be made of an iron cobalt material (e.g., Hiperco 50) which offers high sat-
uration flux density and low core loss - two desirable properties for high specific power
EMs. Lastly, the permanent magnets for the permanent magnet synchronous machine
case are made from neodymium-iron-boron (NdFeB) due to their high remanent flux
density. If the temperatures in the IPM are unsuitable for NdFeB, then Samarium
Cobalt (SmCo) permanent magnets may be a viable alternative. This alternative is
considered in Chapter 3. The SmCo magnets offer a higher Curie temperature, but
have slightly lower remanent flux density, greater cost, and rely on cobalt which is a
strategic metal. The material parameters for the framework are summarized in Table

2.3.
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Table 2.3: Summary of material properties.

Material Parameter Assumed Value
Stator Winding Resistivity 1.68-1078Q-m
Stator Winding Mass Density 8940 kg/m?
Copper Rotor Shell Resistivity 1.68-107°% Q-m
Copper Rotor Shell Mass Density 8940 kg/m3
Rotor Shell Magnetic Permeability 1

Ferromagnetic Core Mass Density 8110 kg/m3
Ferromagnetic Core Saturation Flux | 2.4 T

Density

Ferromagnetic Core Magnetic Relative | 18

Permeability

Permanent Magnet Mass Density 7400 kg/m3
Permanent Magnet Remanent Flux | 1.2 7T

Density

Design Parameter Assumptions

To simplify the design space for these initial trade studies, a few design parameters
that might be free in a detailed design are fixed. These are summarized in Table 2.4
below. The rated power is fixed to 2.5 MW for the results presented in this section
because 2.5 MW may be representative of the power of a compressor stage for a small
business jet. However, the results from the trade space analysis, discussed in Section

2.5, were found to be consistent at one MW and five MW as well.

Table 2.4: Summary of design parameter assumptions.

Design Parameter | Assumed Value
Rated Power 2.5 MW

Stator Tooth Fraction | 0.5

Slot Fill Factor 0.5

The stator tooth fraction trades the space available in the stator for windings
with the space for the stator teeth composed of ferromagnetic material. A large value
leaves no space for conductors and a small value saturates the teeth, which leads to
greater core loss and reduced torque. A value of 0.5 is selected for the trade studies
based on the optimized permanent magnet machine design from Ref. [17]. This

parameter is freed in Chapter 3, but similarly optimizes to about 0.5 which suggests
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this is a reasonable value for the trade analysis.

The slot fill factor is the ratio of the winding volume to the total slot volume.
A high fill factor is equivalent to having a stator slot composed almost entirely of
copper. Realistically, this parameter is less than one because the winding insulation
and space between Litz winding strands take up space in the slot. This parameter
affects the efficiency of the machines since it modifies the winding resistance and thus
the Ohmic losses. A value of 0.7 is the upper end of achievable slot copper fill factors
for rectangular Litz bundles as presented in Ref. [42]. A value of 0.5 is used in these
trade studies based on estimates received from winding manufacturers early in the

design process.

2.4.2 Trade Studies

The input parameters to the assessment framework, their nominal values, and the
range over which they are examined for the design trade study are presented in
Table 2.5. The usage of these input parameters in the EM models may be found in

the Appendix A. Nominal values were chosen as reasonable starting points for the

sweeps.
Table 2.5: Design trade study: list of input parameters
Units | Nominal Value | Range Examined
Tip Speed, Uy m/s 300 200 - 400
Number of Poles, N, - 10 6-14
Slot Current Density, J,, A/mm? 10 5-12
Electric Machine Geometry, - 0.3 0.3-0.7
Ge
Air Gap Thickness / Tip Ra- - 0.01 0.01 - 0.015
dius, g/7

A maximum tip speed of 400 m/s is selected based on the maximum surveyed
EM tip speed from Ref. [6]. Although PM machines have been observed at 300
m/s, a lower bound of 200 m/s is selected in anticipation that other constraints such
as rotordynamics could limit the realizable tip speed of multi-megawatt, integrated

machines. The pole pair count is limited between 6 to 14 because this range covers
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electrical frequencies up to 2000 Hz, the latter of which aligns with proposed high SP
electric machines such as that from University of Illinois Urbana-Champaign in Ref.
[18].

A survey from Ref. [2] shows which cooling techniques are typically used with
different slot current densities and this is summarized in Table 2.6. These current
densities are estimated as the total current carried through a slot divided by the total
slot area (i.e., copper area plus insulation and potting areas). The liquid bathing
method consists of placing the whole electric machine in dielectric liquids for cooling
purposes [2]. In the indirect water or oil cooling methods, the lubricant extracts heat
from the stator; however, in the direct liquid cooling method, coolant is in contact
with the conductors [2]. Primarily the range of forced air is considered in these trade
studies since the IPM will ideally be cooled by bleeding compressor air. However, the

bottom end of the liquid cooling, current density range is also considered.

Table 2.6: Summary of cooling techniques versus slot current densities [2].

Slot Current Density [A/mm? Cooling Technique
5-12 Forced Air

10-15 Indirect Water Cooling
10-15 Indirect Oil Cooling
15-25 Liquid Bathed

15-30 Direct Liquid

> 28 Oil Spray

The electric machine geometry factor, Gg, differs based on whether the machine
is in a radial flux or axial flux configuration. For radial flux machines, this geometry
factor is the axial length-to-tip radius ratio, ¢/r;. For axial flux machines, this pa-
rameter is related to the tip radius-to-hub radius ratio and is derived from the heat
flux form given in Eqn. 2.28. The exact form of the axial geometry parameter is
given in 2.29 below. The lower range of this factor is 0.3 because the axial machine
designs do not converge for lower values. The upper range is 0.7 to show the general

trends of each machine type, although these values are not realistic.

Gp =~~~/ (2.29)



Lastly, a small air gap increases the risk of the rotor rubbing into the stator.
In addition, for a permanent magnet machine, the magnets are exposed to larger
asynchronous magnetic fields which increases the magnet eddy current losses. Typical
air gap thickness values surveyed are between 0.625 mm for a smaller, lower speed
magnet machine [17] to 2 mm for a proposed one megawatt design [18]. For this
trade space analysis, it is assumed that the air gap will roughly be proportional to
the tip radius since larger machines will likely have greater moments of inertia and
require greater clearances. An air gap thickness-to-tip radius ratio of 0.01 to 0.015 is
surveyed which corresponds to air gap thicknesses from approximately 1.5 mm to 4

mi.

Tip Speed Scaling

Figure 2-9 shows that the EM specific power scales approximately linearly with tip
speed for all EM types. Therefore, it is desirable to push the tip speed as high
as structurally possible. This is expected since EM specific power scales with the
square root of tip speed cubed. The slope of the axial induction machine in Fig. 2-9
changes at 250 m/s because the stator surface current density is at the saturation
limit discussed in Section 2.4.1 for speeds less than 250 m/s, and is unconstrained
saturation-wise or spatially for tip speeds greater than 250 m/s. For all tip speeds
under consideration, the radial induction machine offers the highest specific power,
but it also has the greatest heat flux and will therefore be the most challenging to
cool in practice. The second highest performing EM type is the radial PM machine
which also has the second highest heat flux. Lastly, both axial machines have the
lowest SP but also have much lower heat fluxes as can be seen in Fig. 2-9b.

The slot current density of the axial flux machines can be adjusted to achieve
comparable heat fluxes to those of the radial flux machines. When this is performed,
the axial flux machines do have comparable specific powers to those of the radial flux
machines, but require approximately triple the slot current density. The assumption
in this study is that the slot current densities in Table 2.6 are reflective of the cooling

techniques required for both axial and radial flux motors. The slot current density
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Figure 2-9: Tip speed sweeps.

assumption is explored for one architecture in more detail in Chapter 3 for an air

cooled, radial flux, tooth-and-slot Halbach array architecture.

The radial induction machine offers approximately 18% greater SP than the radial

PM for all tip speeds,
has 3-5 times the heat

selection of EM architecture is a trade between SP and heat flux, or cooling feasibility.

As mentioned in Sectio

but at 30% greater heat flux. The radial induction machine

flux of the axial variants, but 80% greater SP. Therefore the

n 2.4.1, the specific power accounts for efficiency since it uses

output power which is lower with greater losses.
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Slot Current Density Scaling

The electromagnetic shear stress scales linearly with slot current density as shown via
Eqns. 2.25 and 2.26. Therefore increasing slot current density improves EM specific
power, but it also increases the cooling requirements of the machine due to increased
Ohmic losses.

Figure 2-10a shows the specific power scaling of each of the four machine types
with slot current density. Similar to the tip speed scaling study, the radial induction
EM has the greatest SP, followed by the radial PM and finally the two axial machines.
The axial induction slot again changes due to the surface current density no longer
being constrained due to tooth saturation. The SP has a particularly strong scaling
with slot current density. This is expected from the simple electric machine SP scaling
in Section 2.3.2, which showed that SP scales linearly with electromagnetic shear
stress, which in turn scales linearly with slot current density. Therefore a doubling
of the slot current density doubles the SP. However, this quadruples the losses for
radial machines whose losses are primarily Ohmic. Similar to the tip speed study, the

higher SP machine types also have the greater heat fluxes.
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Figure 2-10: Slot current density sweeps.

radius-to-hub radius ratio.

EM Geometry Scaling

When scaling the electric machine geometry factors which are proportional to heat
flux, the radial induction machine still offers the greatest SP with the trade-off of
having the greatest heat flux as shown in Fig. 2-11. Unlike those two studies, the
axial machines pass the radial PM architecture in SP for high geometric factors while
still having lower heat fluxes.

For an axial machine, a large geometry factor, Gg, corresponds to a large tip
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Figure 2-11: EM geometry sweeps.

the thickness of the IPM rotor which presents structural challenges.
this increases the axial length of the machine because the back iron thicknesses are
p radius-to-hub radius ratio. From a practical point-of-view,
it is undesirable to design an axial IPM with large aspect ratios because stacking
the integrated prime movers in close axial promixity, which is done in conventional
turbomachine compressors, would be impossible without increasing the axial length
of the turbomachine blades. Similar to the other two studies, the radial induction

machine has 20-25% greater SP than the radial PM machine for 30-40% greater heat

7

In addition,



flux even across all aspect ratios. The change in slopes is due to the surface current
density being constrained due to saturation or due to the stator slots reaching their

height limit (i.e., there is no room to grow the slots further radially inwards).

Pole Pair Scaling

The ranking of machines with respect to specific power do not change with increasing
the number of pole pairs as shown in Fig. 2-12. However, the axial machines do
approach those of the radial PM machine at higher pole pair counts. The specific
power increases across all machine types because the back iron thicknesses decreases
with greater pole pair numbers. This trend is expected from Eqns. 2.14 and 2.20.
Counter-intuitively, the heat flux of the radial machines actually decreases for
increasing pole pair counts. Although the core loss increases with a greater number
of pole pairs for all machine types due to increasing electrical frequency, the core
volume is also decreasing since less magnetic flux needs to be passed through the
rotor and stator back irons. This decreasing volume effect is enough to result in a
net reduction in heat flux for the radial flux machines. This is not true for the axial
machines, where the heat flux increases with pole pair count. The radial machine heat
flux trend could be reversed if the core loss model, which is based on manufacturer
data, is inapplicable to machines that operate at the IPM conditions. Regardless,
Fig. 2-12 shows that it is desirable to maximize pole pair count. This is studied in

more detail in Chapter 3.
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Figure 2-12: EM pole pair sweeps.

Air Gap Thickness Scaling

Since the tip radius differs for all machine types at the nominal point, the air gap-
to-tip radius value for each machine will result in a different air gap thickness. For
example, an air gap-to-tip radius value of 0.01 corresponds to an air gap thickness of
2.7 mm for the axial PM machine, but just 1.5mm for the radial induction machine.
Overall, air gap thicknesses ranged from approximately 1.5 mm to 4.5 mm in these
sweeps. Figure 2-13 shows that the machine specific powers and heat fluxes are

relatively insensitive to the air gap thickness.
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Figure 2-13: Air gap thickness-to-tip radius ratio sweeps.

The results are insensitive to air gap thickness because (1) coarse models are used
to estimate the leakage flux of the machine, and (2) the air gap is small relative
to the back iron, copper shell, and permanent magnet thicknesses and therefore has
negligible impact on mass. However, air gap thickness is considered further in later
chapters since it has a major effect on permanent magnet losses, stator flux densities,

rotordynamics, and heat transfer which is not captured here.
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2.4.3 Trade Study Results

The following trends are observed from the trade studies:

o With the exception of air gap thickness, the electric machine SP increases with
increasing tip speed, pole pair count, slot current density, and the electric ma-
chine geometry factor. Heat flux behaves similarly with the exception of tip
speed, in which case the heat flux is approximately constant for the radial in-
duction and radial PM machines. Therefore, is it desirable to push slot current
density, tip speed, pole pair count, and the radial or axial geometric factor to

their technological limits.

» For all swept parameters, the radial induction machine offers the greatest SP but
also has the greatest heat flux. Radial PM machines have the second greatest
SP and heat flux except at high geometric factors, where the axial induction

and PM machines surpass it in SP, but with lower heat flux.

o Compared to PM machines, induction machines have 18-25% greater SP, but
at 30-40% greater heat flux. The induction machine will always be less efficient
than a comparable PM machine as the gap flux for the PM machine is produced
without loss in the magnets, but at the cost of resistive loss in the rotor windings

for the induction machine.

o Axial flux electric machines have up to 50% lower specific power and heat flux
than the radial PM and induction machines, but with 65-80% lower heat fluxes.
The lower specific power for axial machines is a result of the reduced effective
slot current density due to the trapezoidal shaped slot cross sections, and as

such is inherent to the axial flux architecture.

o All electric machine designs around the nominal design points for this trade
space analysis are insensitive to air gap thickness due to comparatively large
magnet, copper shell, winding, and back iron thicknesses. Air gaps from 1.5

to 4 mm thicknesses appear feasible with the trade space analysis models, but
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analysis of its impact on permanent magnet losses, rotordynamics, cooling, and

stator flux densities remains.

2.5 Summary of Key Results

The results of the design space exploration are summarized in the design matrix in
Table 2.7. The maximum observed EM tip speeds from Ref. [6] are used to select a
subset of architectures for the trade study. The reluctance and squirrel cage induction
electirc machines are not considered in the trade studies because they operate at ap-
proximately half the tip speed of modern turbomachinery, and turbomachine specific
power scales proportional to tip speed squared. In addition, the radial external IPM
architecture is ruled out since the electric machine will always limit the turbomachine
tip speed and hence achievable specific power.

The results of the design trade study show that both axial flux machines have
approximately 50% lower specific power than comparable radial machines as a result
of their reduced winding area near the rotor hub. However, these machines also have
about 25% of the heat flux of the radial machines. With regards to the radial flux
machines, the radial induction machine has 30%-40% greater heat flux than its PM
counterpart due to the resistive losses generated in the rotor conductive shell, but
it also offers 18-25% greater SP. Therefore the decision between axial, radial PM,
and radial induction machines is a trade-off between SP and heat flux. The nominal
values of the input parameters used in the design trade study are representative of
current technology, which suggests that an IPM may be feasible with the materials
and technology available today.

Without a model to estimate hotspot temperatures in the EM, a large heat flux
at this stage represents the risk of an inability to cool the machine. The radial
induction machine is high SP, but high risk. The radial flux PM machine offers
medium specific power at medium risk. Lastly, both axial machines offer low SP
with low risk. Although the radial flux induction machine losses might not seem

significantly greater than those of the radial PM machine, the induction losses occur
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Table 2.7: Summary of key results.

Machine Type Integration Architecture
Radial Internal Radial External Axial
Reluctance Limits TM tip | Limits TM tip | Limits TM tip
speed speed speed
Induction High tip speed and | Limits TM tip | Low SP, but low
SP, but high heat | speed heat flux
flux
Permanent Mag- | Medium tip speed | Limits TM tip | Low SP, but low
net and SP,  with | speed heat flux
medium heat flux

primarily in the rotor shell and the rotor is more difficult to extract heat from than
the stator. This difficulty arises because one side of the rotor is the compressor gas
which, depending on location, is equal to or hotter than the coolant air in the EM.
Therefore heat can only be extracted by forcing air through the small airgap. On the
other hand, both sides of the stator plus the end windings are available for forced air
cooling.

At this stage of the IPM design, the radial flux PM is deemed to be an acceptable
option to proceed with for a conceptual IPM design since it offers reasonably high
specific power, but it is not as challenging to cool as the radial induction machine.
In the event that there is sufficient margin on the hotspot temperatures of the radial
PM machine, it might be worthwhile to return and look at the solid rotor induction
machine in more detail to achieve greater overall IPM SP. If the radial PM machine
were to be thermally infeasible, the axial variants have far lower heat fluxes and would
potentially be feasible. Chapter 3 focuses on the conceptual design and analysis of

the radial internal PM IPM.
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Chapter 3

Integrated Prime Mover

Conceptual Design

In Chapter 2, various integrated prime mover architectures were studied and the most
promising one with respect to specific power and heat flux was identified. Specifically,
the internal radial architecture with a permanent magnet electric machine offers a
balance between high performance and medium risk and it was selected to carry
through to a conceptual design. The specific permanent magnet machine type used
in the Chapter 2 studies was the common surface permanent magnet, tooth-and-slot
stator architecture. However, other permanent magnet configurations are possible
and are considered in this chapter to potentially improve the performance of the
IPM. For example, the permanent magnets can be magnetized in either the radial or
azimuthal direction, or the teeth in the stator can be eliminated such as in the design
in Ref. [18].

This chapter consists of an additional trade space analysis followed by the con-
ceptual design of the IPM. While only the electric machine was evaluated in Chapter
2, this chapter considers the thermal management system design and performance as
well. The trade space analysis in this chapter is used to decide between liquid versus
air-cooling as well as to select a specific permanent magnet (PM) electric machine
type for the conceptual IPM design.

Four different types of permanent magnet electric machines are introduced in

85



Section 3.1. Reduced order models for these four types are incorporated into the
framework from Chapter 2 and are discussed in Section 3.3. In addition, reduced order
models for the structural and thermal subsystems of the integrated prime mover are
developed in this section. These models are used in a trade space analysis in Section
3.5 to identify the performance trends of the four PM machine types. The tooth-and-
slot, Halbach array electric machine is selected on the basis of specific power to use
in the conceptual IPM design.

In Section 3.6, a baseline low fan pressure ratio, turbofan engine is redesigned
and optimized for integration with an electric machine. The framework is again
updated to include models for the low pressure compressor, spool, and turbine. The
constraints of each of these components are considered in conjunction with those of
the electric machine and thermal management system. The output of this updated
framework is a first-of-its-kind integrated prime mover conceptual design which meets
power, aerodynamic, structural, thermal, and electromagnetic requirements. The
electromagnetic performance is simulated using 2D finite element analysis and is
found to match that of the reduced order model to within 15%. This chapter addresses

objective one and two defined in Chapter 1.

3.1 QOuter Rotor Permanent Magnet EM Types

For the outer rotor permanent magnet electric machine, four different machine archi-
tectures are considered based on combinations of permanent magnet arrangements
and stator architectures. The rotor architectures under consideration are the sur-
face permanent magnet array and Halbach array. For the stator, both tooth-and-slot
and slotless architectures are candidates for the IPM design. The details of these

architectures and discussed in the following subsections.

3.1.1 Rotor Types

Two degrees of freedom in designing permanent magnet rotors are the directions of

magnetization and the usage and placement of ferromagnetic material referred to as
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rotor back iron. The surface permanent magnet is a common magnet arrangement
used in high power density motors such as the MIT electric vehicle motor in Ref. [17]
and the high torque-density Cheetah motor in Ref. [43]. The Halbach array has been
proposed for more recent high power density motor designs such as the University of
[linois Urbana-Champaign motor [18] and the University of Nottingham motor [20]
because it can eliminate the need for a rotor back iron and generates larger magnetic

fields. The details of these arrangements are shown and discussed below.

Surface Permanent Magnet

In the surface permanent magnet topology for radial flux machines, the direction
of magnetization for each magnet alternates radially inward and outward as shown
in Fig. 3-la for a single pole pair. This particular topology is common since it is
simple to manufacture and assemble. Due to this alternating magnetization pattern,
the magnetic flux density in the air gap is approximately a square wave. When
surrounded by air, the magnetic fields form the pattern shown in Fig. 3-1b. However,
it is common to use a ferromagnetic material on the outside of the magnet array to
increase the magnitude of the fundamental compononet of magnetic flux density on
the air gap side, which in turn increases machine torque.

Figure 3-2a shows the placement of the rotor back iron radially outward of the

magnet array. The downside to adding this rotor back iron is that it adds mass to

ST

(a) Directions of magnetization are radi-
ally inward or outward.

(b) Flux lines and vectors of SPM topol-
ogy without back iron.

Figure 3-1: In the surface PM topology, the permanent magnets are magnetized either
radially inward or outward.
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the electric machine. However, the back iron may be kept relatively thin if it is sized
to operate at the saturation flux density limit of the back iron material. The back
iron is sized in this manner in the trade space analysis of Chapter 2. In addition,
increasing the number of pole pairs can also decrease the back iron thickness, but at

the cost of increasing electrical frequency and hence core losses.

A 2-D electromagnetic finite element analysis (FEA) is used to simulate the rela-
tive performance of the surface permanent magnets with and without back irons. In
Fig. 3-3a, the magnetic flux density is extracted from the 2-D FEA software at 2 mm
radially internal to the permanent magnet array. This flux density was extracted for
both the back iron and non-back iron arrays. Figure 3-3b shows that the flux density
magnitude more closely approximates a square wave and has increased amplitude

relative to the case without back iron.

Next, a fast fourier transform is used to extract the fundamental component of
the magnetic flux density. For this particular example, the fundamental component
of the flux density is increased by 50% due to the addition of the back iron as shown
in Fig. 3-4. In addition, the third and higher order harmonics, which contribute to
losses in the machine, are approximately the same as those of the surface permanent

magnet without back iron.

Since the surface permanent magnet topology with the rotor back iron produces a

greater fundamental flux density component with similar harmonics, this rotor type

Rotor Back Iron

(a) Ferromagnetic material may be added (b) Flux lines are now confined to the ro-
to one side of the PM array. tor back iron.

Figure 3-2: A rotor back iron is commonly used with the surface permanent magnet
topology to increase the air gap flux density and machine torque.
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Figure 3-3: The addition of a rotor back iron increases the magnitude of the flux
density on the air gap side of the machine.
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Figure 3-4: The fundamental of the air gap flux density is increased with the addition

of a rotor back iron.

is considered for comparison with the Halbach array which is discussed next.
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Halbach Array

The Halbach array is an alternative permanent magnet arrangement in which the
directions of magnetization alternate between a radial and azimuthal direction as
shown in Fig. 3-5a for a single pole. A possible benefit of this arrangement is that the
magnetic flux density is reinforced on the air gap side of the array and canceled out on
the other. Although Fig. 3-5a shows four directions of magnetization, it is possible to
use a greater amount of directions to obtain a larger fundamental field component and
increased cancellation. In an ideal Halbach array with perfectly sinusoidal directions
of magnetization, the amplitude of the fundamental component of the field is increased
by v/2 [44].

The cancellation of the external magnetic field can be seen in Fig. 3-5b, although
the cancellation is not perfect. The downsides to the Halbach array are that (1) it
is difficult to assemble, and (2) the force between adjacent magnets is such that it
could pull the magnets away from the rotor rim during operation.

Although the cancellation of the flux density on the radially outward side is not
perfect, the addition of a ferromagnetic rotor back iron provides negligible benefit
to the Halbach array topology. This is seen in Fig. 3-6 where the B-field is again
extracted 2 mm from the airgap side of the magnet surface. In addition, the magnetic
flux density is more sinusoidal than that of the surface PM topology (see Fig. 3-7),
the latter of which closely resembles a square wave. Since the electric machine torque

is primarily due to the fundamental component of the B-field, the Halbach array can

(a) Azimuthal magnets are inserted be- N

tween radial magnets. (b) Flux lines and vectors of Halbach ar-

ray topology without back iron.

Figure 3-5: In the halbach array topology.
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generate greater torque than a surface permanent magnet machine for fixed magnet
volume. In Ref. [17], the author found that the Halbach array produces greater
torque than an equivalent volume of a surface permanent magnet array except when

the magnet volume is low (i.e., a few kilograms) and thin.

DB
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Figure 3-6: The addition of a rotor back iron has negligible effect on the flux density
of the reinforced side.

Comparison of Rotor Topologies

Compared to the surface permanent magnet array, the Halbach array does not require
a rotor back iron and it produces a greater fundamental magnetic flux density compo-
nent which results in greater torque. However, as discussed previously, the downside
is its increased assembly complexity and risk of adhesive failure during operation.

A comparison of the harmonics from a 2D FEA simulation for the surface perma-
nent magnet and Halbach array is shown in Fig. 3-7. For this particular example,
the Halbach array produces a 5% greater fundamental flux density component than
the surface permanent magnet array with a rotor back iron.

The Halbach array eliminates the third harmonic from the surface PM array;

however, its fifth and ninth harmonics are greater in magnitude compared to those
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Figure 3-7: The Halbach array increases the fundamental component of the flux
density while eliminating the third and seventh harmonics.

of the surface PM array. Depending on the stator geometry, these higher order
harmonics may increase losses and torque ripple.

Both the surface permanent magnet array with a rotor back iron and the Halbach
array without back iron are considered in the trade space analysis for this chapter.
The Halbach array is anticipated to perform better, but it represents an increased

risk with respect to assembly.

3.1.2 Stator Types

Two common types of stators considered in the trade space analysis are tooth-and-
slot and slotless stators. Their structure and general pros and cons are discussed in

the following subsections.

Tooth-and-Slot

The tooth and slot stator is a common configuration where windings wrap around
teeth made from ferromagnetic material. In addition to providing a reference for

locating the windings, the teeth reduce the amount of air in the magnetic circuit
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between the rotor and stator, which helps increase the air gap magnetic flux density
and hence the torque. An example of the tooth-and-slot geometry is shown in Fig.
3-8.

The tooth-and-slot stator is a common stator geometry that has been successfully
used in a variety of machines such as the high torque density Cheetah motor [43]
and the MIT electric vehicle motor [17]. One downside to the tooth-and-slot stator is
that the teeth occupy space that could be used to place more windings, which reduces
copper losses. In addition, the stator teeth can saturate if sufficient magnetic flux is
created from the permanent magnets and stator windings. This saturation limits the
theoretical maximum shear stress of tooth-and-slot machines.

In Ref. [41], the theoretical shear stress limit is derived to be equal to B2,/ (164),
where B, is the saturation flux density of the ferromagnetic material and pg is
the permeability of free space. For iron cobalt, which offers the highest available
saturation flux density today of 2.36 T, this theoretical shear stress limit is 277
kPa. In practice, tooth-and-slot machines do not reach this limit yet due to cooling

constraints.

(a) Example cross-section of the tooth- (b) Magnetic flux density is concentrated
and-slot stator with an outer rotor, sur- in a path from the magnets through the
face permanent magnet array. air gap, stator teeth and stator back iron.

Figure 3-8: Single pole for a tooth-and-slot, surface permanent magnet topology.
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Slotless

The stator teeth are eliminated in a slotless configuration. This teethth elimination
allows greater winding volume compared to an equivalently sized tooth-and-slot sta-
tor. However, the winding material (e.g., copper) acts magnetically similar to air, so
slotless machines have large effective air gaps and lower air gap flux densities than
their tooth-and-slot correspondents. An additional benefit of the slotless configura-
tion is that the electromagnetic shear stress is not limited by the magnetic saturation
of the teeth. Instead, it is limited by the ability to cool the machine. An example
of the slotless stator configuration and the flux lines with a permanent magnet array
are shown in Fig. 3-9. The conductors are shown as rectangular blocks, but in prac-
tice could be implemented as transposed litz bundles to minimize eddy current and
proximity effect losses.

In addition to having a large effective air gap, a challenge with slotless machines is
attaching the windings to the machine given the lack of stator teeth to hold them in
place. Due to a lack of reference points on the stator back iron, locating the windings
can be difficult. A consequence may be an uneven space distribution between the

windings and stator as found in Ref. [31].

Stator Back Iron

Windings
(a) The teeth are removed and instead (b) Flux lines must pass across both the
only windings separate the magnets and air gap and all the windings to reach the
stator back iron. stator back iron.

Figure 3-9: Slotless halbach array.
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3.1.3 Summary of PM Electric Machine Types

With two rotor and two stator configurations under consideration, four permanent
magnet electric machine topologies are implemented for the trade space analysis.

These are the
1. tooth-and-slot surface PM,
2. tooth-and-slot Halbach array,
3. slotless surface PM, and
4. slotless Halbach array.

These are all considered in their outer rotor configuration for the radial internal IPM

architecture. The following subsections briefly describe these configurations.

3.2 Permanent Magnet Machine Assessment Frame-
work

With four PM EM topologies to consider, the framework from Chapter 2 was updated
with models of each type. In the trade studies of Chapter 2, only the EM design
was considered and heat flux was used as a surrogate for cooling feasibility. This
chapter utilizes an expanded framework that captures thermal constraints on the
electric machine via hotspot temperature estimation. In addition, the structural
integrity of the turbomachine is considered. This framework does yet not consider
the actual turbomachine performance, which is instead reserved for Section 3.6 during

the integrated prime mover conceptual design.

3.2.1 Framework Objectives

Each of the electric machine, thermal management system, and turbomachinery rim
components impose constraints on the feasibility of an IPM design. To manage these

constraints, the framework from Chapter 2 is expanded to include additional models.
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In addition, the sizing approach is different and is described in Section 3.2.2. The
objective of this framework is to maximize the overall system specific power which
accounts for the electric machine, thermal management, and turbomachine subsys-
tems. The numerator of this specific power metric is the input power to the electric
machine, P, ¢ minus the sum of the electric machine losses, Plosses,em, and power
required to drive the thermal management system pump, Poump,tms- This quantity is
divided by the total mass of the electric machine, mg,,, thermal management system,
Mims, and turbomachine rim, m;,. This specific power metric is shown in Eqn. 3.1
below. This specific power metric therefore includes the performance impact of using

either an air cooling or liquid cooling system.

—_ Pin,em - Plosses,em - Ppump,tms
ZpPM — (31)
Mem + Mims + Myim
The framework objective is to identify the highest specific power, permanent mag-
net systems across different power levels and input parameters. The results inform

the selection of a single permanent magnet architecture to use in the integrated prime

mover conceptual design.

3.2.2 Approach

A multidimensional grid search is used to estimate the highest specific power per-
manent magnet systems. Multiple input parameters are swept over fixed ranges to
determine the optimum machine with respect to system specific power. However,
unlike Chapter 2, all input parameters are free as opposed to some being fixed to
nominal values. Structurally and thermally feasible machines for each combination
of inputs are stored in software structures. Once the sweep is complete, the machine
with the highest specific power is extracted from the structures. The swept input

parameters are
o shear stress,

» rotational speed
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o length-to-tip radius aspect ratio,

 slot current density,

o number of poles, and

e air gap thickness.

Although Section 2.5 concluded that the electric machine specific power was in-
sensitive to air gap thickness, the performance of the added thermal management
system will depend on this parameter. Cooling air flows through the air gap, so
a larger air gap thickness allows greater mass flows, which in turn may reduce the
hotspot temperature.

A flow diagram of the permanent magnet machine design and assessment frame-
work is presented in Fig. 3-10. The framework begins with a calculation of the
maximum possible rotor thickness as detailed in Section 3.3.1. This rotor thickness
limits the possible thickness of the magnets, the rotor back iron, and the turboma-
chine rim that retains them both. This rotor thickness constraint is passed to the
electric machine sizing loop. The size of the electric machine windings and magnets
are swept until they are of a thickness that can theoretically meet the input shear
stress requirement. A combination of magnet and winding thicknesses produce the
target shear stress may not exist without exceeding the allowable rotor thickness. In
this case, the design point is deemed infeasible and a new combination of inputs is
tested.

If a combination of magnet and winding thicknesses can produce the target shear
stress, then the geometry, mass and losses of the electric machine are estimated. The
geometry and losses are passed to the thermal management system design module. In
this module, a 2D temperature distribution calculation is used to estimate the hotspot
temperatures of the EM. The temperatures in both the air-cooling case and liquid-
cooling case are calculated. In addition, an estimate of the corresponding thermal
management system mass and its power requirement are calculated to factor into the

system specific power.
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Input Parameters
(e'g'v T, J‘m: 9. etc.)

L

[ Turbomachine Rim ]

‘ Maximum possible rotor thickness
Electric Machine

Sweep magnet, winding, and rim thicknesses

Select winding and magnet thickness that produce 7
Size back iron(s) and teeth, if applicable
Compute electric machine mass and losses

Geometry
Losses
If no EM size

Thermal Management System meets 7 requirement
Compute 2D temperature distribution

Estimate TMS mass and power
If hotspot temperatures If hotspot te@p ell‘at'ures
within material limits exceed material limits

[Feasible Design ] Discard Design

Figure 3-10: A high specific power machine is found via multidimensional grid search
using the sizing modules shown in the above block diagram.

As a final step, the maximum operating temperature of the various electric ma-
chine materials is used to filter out infeasible designs. For example, the winding
hotspot temperature cannot exceed 180°C based on the temperature limit for typical
winding insulations.

The output of this framework is a six dimensional structure containing all feasible
designs and their associated performance. Two important scaling parameters from
the scaling laws discussed in Chapter 2 are the electromagnetic shear stress and
mechanical speed. The six-dimensional space can be collapsed and viewed in terms of
these two parameters as shown in Fig. 3-11. In this case, the highest specific power
machines at each shear stress and rotational speed are displayed. A clear boundary
shows the shear stresses and rotational speeds where no electric machine designs are

feasible.
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Figure 3-11: Example of framework output.

3.3 Reduced Order Models

Reduced order models, which are simple scaling laws in this thesis, were developed
and implemented for each of the integrated prime move subsystems. These various

reduced order models and their coupling are described in this section.

3.3.1 Turbomachine and Electric Machine Rotor

The turbomachine sizing model was designed by colleague Yuankang Chen in Ref.
[27] and is briefly summarized here. For an outer rotor electric machine, the magnets
and rotor back iron are contained by the turbomachine rim such that it bears the
entire load of the rotor. The turbomachine rim is sized via a force balance. The
centrifugal stress from the magnets, rotor back iron, and the rim itself are equal to
the yield stress of the titanium rim, o,, with some safety factor, SF. Using a thin
shell hoop stress model, the turbomachine is sized as

Oy 2 2 2 2
Sthm = pEM,rotorrEMyrotorQ tEM,Totor + primlr’rimQ t'rim (32)

where prim, Trim, trim, and € are the rim mass density, rim mean radius, rim thickness,
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and rotational speed, respectively. Similarly, pem rotor; TEM.rotors a0d tEM rotor ar€ the
average mass density, mean radius, and total thickness of the electric machine rotor
elements, respectively. As shown in Fig. 3-10, an electric machine design is infeasible

if a value of rim thickness that satisfies Eqn. 3.2 does not exist.

3.3.2 Electric Machine Mass and Performance

Four models were implemented for each of the rotor and stator combinations from

Section 3.1. The models are briefly described here.

Tooth-and-Slot Surface Permanent Magnet and Halbach Array

The tooth-and-slot, surface permanent magnet model is the same as that of Chapter

2, where the sizing is based on Eqn. 2.25 [41]:

B K,
2

T = (3.3)
The winding and magnet thicknesses are swept such that they produce the target
shear stress. The rotor and stator back irons are sized as discussed in Chapter 2.
One addition to the framework is that the permanent magnet performance is adjusted
based on assumptions on their operating temperature. Specifically, the remanent flux

density of the permanent magnets is modeled to decrease linearly with temperature:

Brem = Brem, 20°C (]- — Qi (Tmag - 2000) /100) (34)

where Biem 200c is the magnet remanent flux at 20°C, T, is the magnet temperature,
and «,, is the temperature coefficient of the magnet material.

In addition, some details of the windings are now considered because the winding
insulation impacts the hotspot temperatures of the machine. It is assumed that the
electric machine is driving a load and can be modeled as an ideal, three-phase current

source. The peak current, I, is calculated based on the electric generator geometry,
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slot current density, and number of turns:

A
I — Jm slot
Nturns

(3.5)

where J,,, is the peak slot current density, Ag: is the area of a stator slot, and Niyms

is the number of winding turns. The per-phase voltage, V', is approximated as
V =P/ (3]) (3.6)

The area of a single turn (i.e., a bundle of Litz strands) is

A o KuAslot
wire — N.
turns

(3.7)

and the radius of the turn is ryie = /Awire/m. The corresponding litz bundle diam-
eter, 27yire, 18 used to set the slot width. Next, the number of Litz wire strands is
calculated to approximate the amount of insulation in the slot, which impacts the
effective slot thermal resistance. An initial litz strand size of US American Wire
Gauge (AWG) 28, which has a radius of ry, = 0.1605mm, was assumed based on
discussions with the winding vendor and an anticipated machine electrical frequency
in the low kilohertz range. A bundle packing factor of 0.91 is assumed based on the

ideal hexagonal packing factor, and the total number of strands is thus

Awire

2
TTstrand

Ngtr = 0.91

(3.8)

The necessary dielectric thickness for each Litz wire strand, tg;, is sized from the

maximum electric field in a cylindrical dielectric:

tai = Tstr (e(gm) - 1) (3.9)

where Fy .y is the maximum dielectric strength — a material property. For Kapton MT

100 insulation, the dielectric strength is 2.16 - 108 V/m. A safety factor of 10 is used
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such that the effective dielectric strength used in the calculations is 2.16 - 107 V /m.

Tooth-and-Slot Halbach Array For the electric machine trade studies, the tooth-
and-slot Halbach array electromagnetic model is the same as the tooth-and-slot sur-
face permanent magnet model, but it is assumed that the rotor back iron is eliminated
during the turbomachinery rim sizing and mass calculation. The basis for this as-
sumption is that (1) for the magnet thicknesses expected in these machines, the Hal-
bach array will produce at least as much magnetic flux in the airgap as an equivalent
surface PM machine as shown in Ref. [17] and (2) the azimuthal magnets cancel the
flux on the outside of the electric machine as shown in Section 3.1, which eliminates
the need for the rotor back iron. Finite element analysis is ultimately used to obtain
a higher fidelity assessment of the output torque and verify these assumptions. A
detailed 2-D analytic model for the tooth-and-slot Halbach array that estimates the

increased flux density is used in Chapter 4.

Slotless Surface PM and Halbach Array

The slotless surface PM and Halbach array electric machine performances are esti-
mated using the model from Chapter 2 of Ref. [17], which is not repeated here for
brevity. To summarize, this model is a two-dimensional analysis of the magnetic flux
distribution based on the magnetic scalar potential. This analysis superimposes the
flux density solutions from both the radial-facing and azimuthal-facing permanent
magnets. The torque is computed through integrating the product of the radial com-
ponent of the total air gap flux density and the armature current density over the
winding volume. Lastly, similar to the tooth-and-slot model, the winding thickness
and magnet thickness are varied until the desired shear stress, 7 = T'/ (ZWngf), is

produced.

3.3.3 Electric Machine Losses

In this framework, the Ohmic, core (i.e., stator eddy current and hysteresis), windage,

and rotor losses are estimated and passed to the thermal management model to
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estimate the winding and magnet hotspot temperatures of the electric machine. The

loss models are described below.

Ohmic Losses

The Ohmic losses include those from both the fundamental as well as those from the
proximity and eddy current effects. The resistance value used in these calculations is

adjusted for the winding temperature.

Core Losses

The stator eddy and hysteresis losses per unit mass, Peore/Mecore, are estimated using

the classic Bertotti loss separation model [45]:

PCOI‘B

=P, +P.+ P, (3.10)
mcore

= KyfB* + K.f*B*> + K. f'"°B'® (3.11)

where P, P, and P. are hysteresis, classic eddy current, and additional current loss,
respectively, and K, K., and K, are their coefficients. These coefficients are derived
from manufacturer data. The variable B is the peak B-field.

The stator is assumed to be designed such that the ferromagnetic material is
saturated to minimize the back iron thickness. Therefore, the peak B-field used in
Eqn. 3.10, which is the B variable, is assumed to be 2.36 T throughout the stator.
This value is reduced in Chapter 4 to closer to 2.2 T since the stator is designed to
be limited primarily to the knee of the B-H curve. In addition, in these sweeps, the
core loss is computed directly from the manufacturer data. However, this core loss
is doubled in Chapter 4 and Chapter 5 for safety margin, which accounts for effects

such as flux concentration in the actual machine.

Windage Losses

The windage loss model was developed by colleague Yuankang Chen [27]. These

losses are estimated on the outer and inner rotor surfaces with empirical correlations
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for surface skin coeflicients and have the form

Wwindage = WCchﬂAQQE (312)

where p, is the air density, r is the surface radius, ¢ is the machine length, and Cj is

an empirical skin friction coefficient.

Rotor Losses

The eddy current losses in the permanent magnets and rotor back iron are functions
of multiple design variables such as the air gap thickness, slot current density, and
pole pair count, amongst others. As a rough approximation, a constant power loss per
unit mass is assumed for each of the permanent magnet and rotor core losses based
on electromagnetic FEA assessments of several output designs from the framework.

The permanent magnet lossses are studied in more detail in Chapters 4 and 5.

3.3.4 Thermal Management

For these studies, the electric machine stator can either be (1) entirely air cooled,
or (2) a combination of air-cooled and oil-cooled. In both cases, the stator is cooled
via a pump that drives air through both the air gap and through a heat sink on the
inside of the inner diameter of the stator. This heat sink is constructed of aluminum,
has four millimeter thick fins, and one millimeter thick walls. The liquid cooling case
utilizes the same air cooling scheme but also includes the addition of oil cooling to
heat sinks attached on the end turns of the machine. Free-air convection is assumed
on the outside of the rotor.

As mentioned in Section 3.2, an electric machine is deemed thermally feasible if the
hotspot temperatures in the machine are below the maximum operating temperatures
of the components. Colleague Yuankang Chen developed a 2D thermal resistance
network to estimate hotspot temperatures in the machine [27]. The thermal resistance
of the windings is calculated using a homogenized slot approximation. The convective

heat transfer coefficients are estimated using Nusselt number correlations.
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For an air cooling system, the mass comprises the aluminum heat sink in the
stator inner diameter. For the oil cooling system, the thermal management system
mass also accounts for the oil cooling heat rejection system. This sizing is based on
existing aircraft oil cooling system components from the work of Ref. [46], except
the gear and bearing heat loads are replaced by the end turn heat sinks. Lastly,
the thermal management system power requirement is the pump power required to
restore the coolant exit total pressure to inlet total pressure as derived by colleague

Yuankang Chen [27].

3.4 Permanent Magnet Machine Performance Sweeps

Using the framework from Section 3.2 and reduced order models from Section 3.3, the
various PM configurations are compared on the basis of system specific power. The
following subsections detail the material assumptions, design parameter assumptions,

and the parameter sweep ranges.

3.4.1 Material Assumptions

Similar to Chapter 2, currently available materials are assumed in the trade studies.
Some new additions are the rotor sleeve, which is composed of Ti-6Al-4V alloy for its
high strength-to-weight ratio. In addition, electrical insulation and winding potting
are considered since they impact the thermal conductivity of the slot. The insulation
is Kapton-MT and the potting is Cooltherm SC-324. Lastly, the heat sink is assumed
to be composed of aluminum 7075 due to its low mass density and high thermal
conductivity. The various materials used for the trade space analysis are summarized

in Table 3.1.
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Table 3.1: Summary of material assumptions.

Component Material

Stator Hiperco-50
Permanent Magnets | Samarium Cobalt
Rotor Sleeve Ti-6A1-4V Alloy
Conductor Copper

Electrical Insulation | Kapton-MT
Winding Potting Cooltherm SC-324
Heat sink Aluminum 7075

3.4.2 Design Parameter Assumptions

Several design parameters are assumed to simplify the trade space and these are
summarized in Table 3.2. Similar to Chapter 2, the slot copper fill factor is fixed to
a value of 0.5. In addition, the electric machine is assumed to have one slot per pole
per phase based on the design from Ref. [17] since there is no obvious benefit at this
level of analysis to using a fractional number of slots per pole per phase. This same
assumption was used for the analysis in Chapter 2.

The winding hotspot temperature is limited to 180°C which is the limit for the
IEC 60085 standard, class H insulation [47]. Although insulations rated for 200°C,
220°C, and 250°C exist, they are more expensive and difficult to work with. Since
the permanent magnet adhesives for attachment to the rotor operate a maximum
temperature of approximately 260°C [33], the magnets are limited to 200°C to provide
margin. The assumptions on the cooling system were chosen by Yuankang Chen [27].

Lastly, a safety factor of two is assumed for the turbomachine rim.
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Table 3.2: Summary of design parameter assumptions.

Design Parameter Assumed Value
Slot copper fill factor 0.5

Slots per pole 3

Winding temperature limit 180°C

Winding operating temperature | 180°C

Magnet temperature limit 200°C

Magnet operating temperature | 200°C

Air pressure and temperature 101k Pa, 300K (Sea level)
Air cooling inlet Mach number | 0.3

Pump isentropic efficiency 91%

Structural safety factor 2

3.4.3 Swept Parameter Ranges

The performance of the four machine types are estimated at 100 kW, 500 kW, 1
MW, and 3.6 MW. The kilowatt-range power levels may be representative of a short
range aircraft, whereas the megawatt-class ones could be applicable to single- or
twin-aisle aircraft. In addition, for each of the four machine types, both air-cooled
and liquid-cooled machines are optimized. This leaves thirty-two combinations for
comparison. At each combination of machine type, cooling system type, and power
level, six parameters are swept: rotational speed, electromagnetic shear stress, electric
machine aspect ratio, slot current density, number of poles, and air gap thickness.
Although Chapter 2 concluded that the machine performance is insensitive to air gap
thickness, this parameter is now important due to the air cooling. Nominal ranges of
these parameters are given in Table 3.3 below. Due to the long runtime for testing all
possible permutations, some of these ranges were narrowed and refined after viewing

where the optimum might exist from a coarse sweep.
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Table 3.3: Swept parameter ranges

Units | Range Examined
Rotational Speed, 2 rpm 6,000-30,000
Shear Stress, T kPa 0.025-0.4
Electric machine aspect ratio (length divided by - 0.1-3
tip radius), £/r,
Slot current density, J,, A/mm? 7.5-40
Number of Poles, N, - 4 - 56
Air gap thickness, g mm 0.1-4

3.5 Trade Space Analysis

As discussed in Chapter 1, the specific power of the electric machine is expected to
decrease with increasing rated power. Specifically, the power per unit volume, P/V,

for an idealized electric machine scales as

P

Py PR T

5 (3.13)

where 7 is the electromagnetic shear stress, ¢/r is the length-tip radius aspect ratio,
and U is tip speed. These parameters are limited by material properties, cooling
technologies, and rotordynamics. Although Chapter 2 studied the impact of these
parameters on machine performance, the parameter ranges were largely based on
surveyed data as opposed to any physics-based constraints. With the additions of the
structural and thermal management system models in this chapter, the shear stress,
length-to-tip radius aspect ratio, and tip speed limits are dictated by the physics-
based models. This trade space analysis does not encapsulate all limiting factors
such as the rotor dynamics of the machine, but many of these additional details are

considered in the following chapters.

3.5.1 Rated Power Trends

The following subsections show how the overall integrated prime mover system specific
power scales with rated power. Although the electric machine in isolation is expected

to scale roughly per Eqn. 3.13, this scaling does not consider that the optimal shear
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stress, aspect ratio, and tip speed are also functions of rated power. In addition, this

scaling does not consider the thermal management system.

Air-Cooled Machines

Figure 3-12 shows the maximum module specific power versus rated power for air
cooled machines. In this figure, both tooth-and-slot (TaS) and slotless machines are
compared. Each of the four architectures are optimized at the power levels of 100
kW, 500 kW, 1 MW and 3.6 MW. As expected from Eqn. 3.13, specific power for all
machines decreases with increasing rated power. However, the optimal air gap thick-
ness, slot current density, pole pair count, and length-to-tip ratio also change with
rated power levels as constrained by the structural and thermal models. Therefore
the EM system specific power is found to scale closer to rated power to the negative
one-fourth power. Therefore, the specific power does not decrease with increasing

rated power as fast as Eqn. 3.13 suggests.

I T=s SPv (I Tas He [ Siotless SPM [ ] Skotless HA

Specific Power [EW/k
/g

100 kW 200 kW 1 MW 3.6 MW

Figure 3-12: Module specific power falls with rated power for air cooled machines.

A key finding from this study is that the system specific power of tooth and slot
architectures is consistently greater than that of the slotless machines. In addition,

the system specific power of the Halbach array architectures is greater than that of
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surface PM counterparts. This performance difference is due strictly to the rotor back
iron elimination. For an air-cooled system, the tooth-and-slot Halbach array machine
has the greatest specific power across all rated power levels.

For air-cooling machines, the efficiency generally increases as rated power in-
creases. An exception is from 1 MW to 3.6 MW, where the efficiency nominally
remains the same. All machine efficiencies optimize to between 95% to 98%. The

following trends! are observed for the input parameters and electrical frequency:

the optimal rotational speed decreases with increasing rated power;

the optimal length-to-tip radius ratio increases with increasing rated power;

o the optimal slot current density decreases with increasing rated power;

the optimal electrical frequency decreases with increasing rated power level; and

the optimal air gap thickness increases with rated power level.

Unlike Chapter 2, the airgap is important in this study for cooling and its optimal
thickness increases with rated power to provide more flow-through area for the cooling
air. This optimal airgap increases approximately linearly with rated power and the
optimized values are given in Table 3.4. Three constraints are not captured in this
analysis which could limit the achievable air gap in practice.

First, a small air gap places the permanent magnets close to the asynchronous
magnetic fields created by the stator windings. This could generate large eddy cur-
rents in the magnets and result in an unacceptable magnet hotspot temperature.
While finite element analysis was used to estimate the permanent magnet losses for
a few designs, this method was not used to cover all electric machine designs. The
permanent magnet loss scaling is explored in Chapters 4 and 5. A second constraint
not captured here is the rotor dynamics. For a smaller air gap thickness, it may be
difficult to maintain clearance between the electric machine rotor and stator. This

rotor dynamic constraint was studied in more detail by colleague Yuankang Chen [27].

LAn ‘optimal’ parameter refers to the parameter value corresponding to the system design with
maximized system specific power.
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Lastly, thermal expansion of the stator could also render these air gap thicknesses

infeasible.

Table 3.4: Optimal air gap thicknesses for all machine types.

Air Gap Thickness
100 kW | 500 kW |1 MW | 3.6 MW
Tooth-and-Slot SPM | 0.15 mm | 0.5 mm | 1 mm 3.5 mm
Tooth-and-Slot HA 025mm [ 04mm |1 3.5 mm
Slotless SPM 03mm |[04mm |0.5mm]| 2.5 mm
Slotless HA 03mm |[04mm |0.5mm]| 2.5 mm

As mentioned, both the optimal rotational speed and slot current density decrease
with increasing rated power level. These trends are shown in Fig. 3-13. The optimal
rotational speed for the one megawatt slotless Halbach array machine is 15,500 rpm
which is nearly identical to the 15,000 rpm used in the slotless University of Illinois
Urbana-Champaign design [18].

In addition, the peak slot current densities optimize to as high as 35 A/mm? for
the 100 kilowatt machines. This suggests that the slot current density range of 5-12
A/mm? for air-cooling, which was used in Chapter 2, may not be applicable to all
power levels. However, further analysis and experimentation is necessary to confirm
this. Similar to the air gap thickness, the length-to-tip radius aspect ratio increases
approximately linearly with rated power. The optimal aspect ratios are shown in

Table 3.5.

Table 3.5: Optimal length-to-tip radius aspect ratios for all machine types.

Length-to-Tip Radius Ratio
100 kW | 500 kW | 1 MW | 3.6 MW
Tooth-and-Slot SPM | 0.25 0.5 1 2
Tooth-and-Slot HA 0.2 0.425 0.5 2
Slotless SPM 0.5 1 1.5 2.75
Slotless HA 0.4 1 1.5 2.5

Lastly, the optimal electrical frequencies are shown in Table 3.6. All electrical
frequencies optimize to values greater than one kilohertz. Electric machines for ter-

restrial power grids in the United States operate at 60 Hz, and the military standard
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Figure 3-13: Both optimal rotational speed and slot current density decrease with
rated power level.

for aircraft power systems is 400 Hz [48]. This suggests that these high specific power
machines have to be designed for a new, less explored frequency regime. In this
study, frequency-dependent variables such as the electric machine core loss were ex-
trapolated to these multiple kiloherz frequencies. However, experiments are necessary

to validate the extrapolations.

Table 3.6: Optimal electrical frequency.

Electrical Frequency
100 kW | 500 kW |1 MW | 3.6 MW
Tooth-and-Slot SPM | 5.1 kHz | 3.9 kHz | 3 kHz 1.67 kHz
Tooth-and-Slot HA 495 kHz | 3.75 kHz | 2.8 kHz | 1.75 kHz
Slotless SPM 425 kHz | 3.8 kHz | 2.5 kHz | 1.2 kHz
Slotless HA 54 kHz | 3.9kHz | 2.58 kHz | 1.35 kHz

Liquid-Cooled Machines

Similar to the air-cooled machines, the specific power of liquid-cooled electric machine
systems decreases with rated power as shown in Fig. 3-14. At 100 kW and 500 kW,
the liquid cooled machines are inferior to air-cooled machines with respect to specific
power. However, at one megawatt they break even, and at 3.6 megawatts they slightly
surpass that of air-cooled machines. For an integrated prime mover architecture, the

cooling air may be bled from the low pressure compressor. This eliminates the need
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for an external liquid cooling system and it is considered in the conceptual design in

Section 3.6

I T=s SPv (I Tas He [ Siotless SPM [ ] Skotless HA

—
o

Specific Power [EW /lkg]
=

100 kW 200 kW 1 MW 3.6 MW

Figure 3-14: Similar to air-cooled machines, module specific power falls with rated
power for liquid cooled machines.

3.5.2 Surface Permanent Magnet Versus Halbach Array

In this trade space analysis, the tooth-and-slot Halbach array simply eliminates the
need for a rotor back iron. In practice, for thicker magnets, the Halbach array can
produce greater magnetic flux at fixed volume as discussed in Section 3.1. Therefore
the results in this section might understate the potential benefits of the Halbach
array since they only show the performance impact of eliminating the rotor back
iron. Nonetheless, the impact is significant. As shown in Figs. 3-12 and 3-14, the
tooth-and-slot Halbach array offers anywhere from 9% to 75% greater performance
over its surface PM counterpart. In addition, the slotless HA offers 8% to 56% greater
specific power than slotless SPM. Therefore, there is a strong benefit to choosing a
Halbach array over a surface permanent magnet array for the integrated prime mover

despite the increased complexity with assembling a Halbach array.
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3.5.3 Tooth-and-Slot Versus Slotless

For both air-cooled and liquid-cooled systems, the tooth-and-slot machines consis-
tently out-perform their slotless counterparts with regards to the metric of specific
power. Although the slotless architecture eliminates the stator teeth, the larger ef-
fective airgap greatly reduces the achievable electromagnetic shear stress. This can
be seen in the comparison of shear stresses Table 3.7. However, the slotless machines
typically meet the power requirement via higher rotational speeds than the tooth-
and-slot machines. The exception is in the multi-megawatt range, where the speeds

are comparable.

Table 3.7: Optimal speeds and shear stresses for tooth-and-slot and slotless Halbach
array machines.

Power Level Rotational Speed Shear Stress
Tooth-and-Slot | Slotless Tooth-and-Slot | Slotless
Air-Cooled
100 kW 16500 rpm 27000 rpm | 76 kPa 41 kPa
500 kW 12500 rpm 19500 rpm | 83 kPa 41 kPa
1 MW 12000 rpm 15000 rpm | 83 kPa 41 kPa
3.6 MW 10500 rpm 9000 rpm | 62 kPa 35 kPa
Liquid-Cooled
100 kW 16500 rpm 24000 rpm | 76 kPa 48 kPa
500 kW 11000 rpm 15000 rpm | 55 kPa 55 kPa
1 MW 12000 rpm 12000 rpm | 69 kPa 55 kPa
3.6 MW 10500 rpm 9000 rpm | 62 kPa 42 kPa

3.5.4 Hotspot Temperature Limit

Increasing the hotspot temperature limit not only expands the design space to greater
speeds and shear stresses, but also shifts the optimal design point. Figure 3-15 shows
how the design space and optimum shift with increases in winding hotspot tempera-
ture. This example is for the air-cooled, one megawatt, tooth-and-slot Halbach array
machine. At 180°C, the optimal electric machine has a shear stress of 83.1 kPa and
a rotational speed of 12,000 rpm. The corresponding specific power is 22.3 kW /kg.

If the hotspot temperature limit is increased to 200°C, which is equivalent to moving
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to a higher insulation class, the new optimum shifts to 12,500 rpm and the system
specific power is 23.5 kW /kg - a 5.3% increase. As expected, even more designs are
possible with greater specific powers if an insulation rated for 240°C is used. There-
fore the optimal system specific power, shear stress, and torque are sensitive to the
allowable hotspot temperatures in the machine.

Although this example is for a one megawatt, tooth-and-slot Halbach array ma-
chine, similar results are observed for the other machine types and power levels. This
result suggests that the optimal machine design will attempt to push the hotspot
temperatures as close to the material limits as possible. Alternatively, the electric
machine thermal constraint can be relaxed by reducing inlet coolant temperatures.
For example, it will be easier to cool an electric machine in an aircraft at cruise than

at ground level due to the reduced atmospheric temperature.
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Figure 3-15: Increasing material temperature limit expands design space and improves
maximum specific power.

3.6 Integrated Prime Mover Concept Design

The key result from the sweeps in Section 3.5 is the identification of the tooth-
and-slot, Halbach array topology as having the highest performance with respect to
system specific power across all studied power levels. This machine is structurally
and thermally viable. While the previous section focused on the electric machine
and thermal management system optimization, this section considers how the rest of
the turbomachine (e.g., the compressor and turbine) might be re-designed and co-
optimized with the electric machine. In this concept, the fan is removed. Instead,
electric power is extracted from an electric machine that is integrated with the lower

pressure compressor (LPC) of the engine. The LPC is a source of bleed air for cooling
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the electric machine.

This section details the conceptual design of the integrated prime mover. First,
the framework from Section 3.2 is modified such that an existing turbofan engine is
optimized alongside the IPM. Second, a conceptual design of the IPM is detailed.
This includes the system mass, losses, and geometry. Electromagnetic finite element
analysis is used to compare the torque of the machine with the estimate from the

reduced order model.

3.6.1 Integrated Prime Mover Design Approach

The conceptual IPM is designed by updating the framework from Section 3.2 to
include a model of a candidate turbofan engine for integration. First, a low fan
pressure ratio turbofan engine is selected as a baseline engine to be re-optimized.
The max low pressure rotor speed is 12,680 rpm and the engine shaft power for
turboelectric propulsion is estimated to be 3.6 MW. The engine cycle performance
at cruise was estimated by colleague Yuankang Chen using a combination of publicly
available information and the GasTurb software package [49]. Next, the fan on the
low pressure spool is replaced with a low pressure compressor integrated with an
electric generator. This integrated module is referred to as the integrated compressor
generator. A sketch of this integrated prime mover configuration is shown in Fig.
3-16. The compressor and turbine geometry in Fig. 3-16 is not drawn to scale.

To maximize system specific power?

, mechanical speed is swept as an input pa-
rameter. Thermal, structural, and electromagnetic finite element analyses (FEA) are
used to assess the reduced order models used in the sweeps. Finally, The rotordy-
namic stability of the machine was evaluated by colleague Yuankang Chen using a

lumped parameter model [27].

2Specific power for the integrated prime mover is defined as output power of the electric machine
divided by the total electric machine and compressor mass.
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Figure 3-16: This concept sketch shows the overall layout of the integrated prime
mover, but the compressor blades, shaft, and turbine blades are not drawn to scale.

3.6.2 Integrated Prime Mover Sizing and Performance

The low pressure spool consists of
1. the integrated compressor generator,
2. the low pressure shaft, and
3. the low pressure turbine.

The low pressure spool design is conducted by sweeping over a range of stage numbers,
stage work coefficients, and stage flow coefficients to find a design which maximizes
the integrated prime mover system specific power. A 1D meanline calculation ap-
proach is used for sizing the low pressure spool of the engine. In the 1D meanline
approach, a single stream-line through the engine is used to represent the entire air
flow. The electric machine, thermal management system, turbomachine rim, low
pressure compressor blades, shaft, lower pressure turbine blades, dead rims, webs,
and disks are all accounted for in the integrated prime mover system specific power.

The electric machine and its thermal management system sizing and performance
use the models presented in Section 3.3. Their geometries must be consistent with

those of the low pressure compressor (LPC). The LPC is designed to meet a pressure
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ratio requirement as given in Table 3.8. Losses are estimated using a compressor loss
model from Ref. [50]. The LPC blades and load-bearing rim are constructed together
as a blisk, which is a component in which the blades and rim are fabricated as a single
part. The load-bearing rim of the blisk is sized for both the electric machine rotor
and LPC blade loads.

The lower pressure turbine (LPT) inlet conditions are calculated using the pump-
ing characteristics of a generic low pressure ratio turbofan that were estimated from
GasTurb [49].The LPT performance is estimated with meanline geometry and a Smith
chart [51]. A Smith chart, published in Ref. [51], is used to estimate turbine efficiency
as a function of work and flow coefficients. Specifically, the efficiency estimate is cor-
related to work and flow coefficients based on numerous measurements from turbine
experiments. Lastly, for the sizing model, the LPT structural elements are sized to
bear the centrifugal loads of the blades and rim.

The low pressure shaft segment connecting the integrated compressor-generator
and LPT is assumed to be as long as the generic low pressure ratio turbofan core with
an outer radius of 0.07m. The core length is estimated at 1.5m. The shaft thickness

is then sized to bear the torsional load at takeoff.

3.6.3 Conceptual LP Spool Design: Sweep Input Parameters

The list of input parameters for the conceptual LP spool design was developed by
Yuankang Chen [27] and is presented in Table 3.8. The definition of these parameters
can be found in turbomachine textbooks such as Ref. [52] and Ref. [38]. The
compressor is constructed from annealed, grade five titanium Ti-6Al-4V. The turbine

and shaft are constructed from Inconel 718.
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Table 3.8: Input Variables for Conceptual LP Spool Design Sweep

Design Parameter (units) Compressor | Turbine
Pressure Ratio [-] 2.2 -
Physical Mass Flow [kg/s] 10.44 -

Target Isentropic Efficiency [-] 0.91 0.925
Structural Safety Factor, SF' [-] 2 2
Material Mass Density, p; [kg/m?] 4430 8190
Material Yield Strength, oy [MPal 990 1124
Nondimensional Blade Tip Gap, = ] 0.01 -

Blade Aspect Ratio, ™= [-] 0.8 4

Blade Solidity, ¢ [-] 1 -

Zweifel Coefficient -] - 1

Mean Blade Thickness to Chord Ratio, % [-] 0.02 0.08
Disk Mean Radius to Blade Tip Radius Ratio, r;/r; [-] | - 0.1
Sweep Range for Work Coefficient [-] 0.2 to 0.4 1.2 to 2
Sweep Range for Flow Coefficient -] 0.2 to 0.8 0.4 to 1.1
Sweep Range for Number of Stages -] 3to4 2 to 4

3.6.4 Results

An integrated prime mover concept, based on an existing low fan pressure ratio engine
and reduced order models, is found that is feasible and that maximizes system specific
power. A representative picture of just the integrated compressor generator module
is shown in Fig. 3-17. The compressor and turbine are not drawn to scale in Fig.
3-17. A sketch of the full low pressure spool was shown previously in Fig. 3-16.

The low pressure compressor has inlet guide vanes, which are not shown, and
three stages. The optimal outer rotor, Halbach array electric machine for integration
with the LPC has the specifications shown in Table 3.9 below. The integrated LPC
is connected via a shaft to a two-stage low pressure turbine.

Since the electric machine design is conceptual at this stage, single copper blocks
are shown in the slots to represent the conductors. The implementation of the wind-
ings, including the number of Litz strands and slot insulation, are discussed in the
next chapters. The dimensions of the proposed electric machine design are summa-

rized in Table 3.10 below.
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(b) Isometric view of a sketch of the ICG
shows its three compressor stages.

Figure 3-17: Sketches of the conceptual integrated compressor generator module.

Specifications Value

Shaft Power (P) [MW] 3.6

Mechanical Speed (€2) [rpm] 10,000
Electromagnetic Loading 7* [-] 0.2
Electromagnetic Shear Stress 7 [kPa] | 55.4

Torque (T") [Nm)] 3,437

Number of Pole Pairs (n,) [-] 10

Number of Slots (nys) [-] 60

Slot Current Density (J,,) [A/mm?] | 10

Magnet Material SmCo at 200°C
Core Material Hiperco-50 [75]
Winding Material Copper at 180°C

Table 3.9: Summary of electric machine design parameters.

Geometric Parameter | Value [mm)]
Stator Inner Radius (rg) 1314
Airgap Radius (r,g) 1724
Magnet Inner Radius (ry;) | 177.4
Magnet Outer Radius (r,,) | 195.6
Rim Outer Radius () 219.9
Axial Length (¢) 332.2

Table 3.10: Summary of the electric machine dimensions
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Low Pressure Compressor

The low pressure compressor, consisting of inlet guide vanes and three stages, has
a total compression ratio of 2.20 and isentropic efficiency of 91.0%. The stage work
coefficient, v, and flow coefficient, ¢, defined in Chapter 2 are 0.295 and 0.650 re-
spectively. The physical mass flow through the LPC is 10.44 kg/s. The dimensions of
each LPC stage are listed in Table 3.11 below. These quantities were extracted and

provided courtesy of colleague Yuankang Chen [27].

Dimension [Units] First Stage | Second Stage | Third Stage
Blade Mean Radius 7, [m] 0.263 0.274 0.286
Hub-to-Tip Radius Ratio 7 /7y [-] | 0.717 0.792 0.849

Blade Axial Chord Length [., [m] | 0.0872 0.0639 0.0468

Blade Tip Speed U; [m/s] 321 321 324

Table 3.11: LPC dimensions

Low Pressure Turbine

The integrated compressor-generator module is connected to a two-stage low pressure
turbine. The turbine expansion ratio is 7.84 and its isentropic efficiency is 92.5%. The
stage work coefficient and flow coefficient are 1.60 and 0.920, respectively, and the
physical mass flow through the turbine is 10.60 kg/s. The dimensions of each LPT
stage, provided courtesy of colleague Yuankang Chen [27], are listed in Table 3.12:

Dimension [Units] First Stage | Second Stage
Blade Mean Radius r,, [m] 0.361 0.324
Hub-to-Tip Radius Ratio r,/r; [-] | 0.877 0.661

Blade Axial Chord Length I, [m] | 0.0108 0.0303

Blade Tip Speed U; [m/s] 402 408

Inner Rim Mean Radius r; [m] 0.0384 0.0390

Inner Rim Thickness w; [m] 0.0089 0.0176

Table 3.12: LPT dimensions
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Mass and Loss Breakdowns

The proposed integrated compressor design achieves a specific power of 14.8 kW /kg
and efficiency of 98.5%. This specific power at 3.6 MW is greather than that from
the trade study in Section 3.5 because the electric machine was designed at cruise
where the temperatures are lower. The framework estimates of component masses
are shown in Table 3.13. The thermal management system is approximatley 14% of

the total module mass.

Component Mass (kg)
Stator Teeth 42.0
Stator Back Iron 21.5
Dielectric 3.30
Winding 21.9
End Winding 1.3
Magnet 59.4
Rim 48.1
Thermal Management System | 33.2
Compressor Blades 6.6
Total 239.6

Table 3.13: Integrated compressor-generator component masses

The framework estimates for electric machine losses and thermal management system
input power are summarized in Table 3.14. Despite the machine being designed
for 10,000 rpm, the windage losses are quite low compared to the ohmic, core, and
permanent magnet losses. The stator losses, or core plus ohmic losses, are at 30 kW
compared to the 14.8 kW in the magnets. Therefore the majority of the heat will be

dissipated in the stator.

Loss Source Loss (kW)
Winding Ohmic Losses 14.4

Stator Core Losses 16.2
Airgap Windage Losses 2.3
Permanent Magnet Losses 14.8
Thermal Management System Power | 7.4

Total Losses 55.1

Table 3.14: Integrated compressor-generator loss sources
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Electromagnetic Performance

A 2-D transient electromagnetic finite element analysis (FEA) is used to assess the
predicted performance of the analytic electromagnetic sizing and performance mod-
els. The FEA is performed with the Altair Flux™ software [4]. The average torque
computed over one period is 3,969 Nm, exceeding the target 3,437 Nm torque by
15.9%. Figure 3-18 shows that the magnetic flux is concentrated in the back iron and
teeth, and that the tooth tips are saturated as designed. In addition, the azimuthal
facing magnets cancel the magnetic flux on the outer surface of the machine, elimi-
nating the need for a rotor back iron. The permanent magnet losses are assessed to
be 16.3 kW, or 274 W /kg. This is within 10% of the 250 kW /kg value assumed by

the framework and used in the thermal analysis.

Azimuth-oriented PMS cancel
most flux on outer surface,
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Figure 3-18: Electromagnetic finite element analysis of the electric machine shows
the flux density of the stator teeth is limited to 2.1 T and that the flux is cancelled

on the permanent magnet outer surface. This FEA was simulated using Altair Flux
[4]

124



3.7 Summary of Key Results

In this chapter, four different permanent magnet electric machine types were consid-
ered for integration within the turbomachine. Specficially, the tooth-and slot surface
permanent magnet, tooth-and-slot Halbach array, slotless surface permanent magnet,
and slotless Halbach array were considered as potential machines for integration. Un-
like Chapter 2, thermal and structural models were incorporated into the optimization
framework as feasibility constraints. Reduced order models were developed for these
four machines and a trade space analysis was conducted to compare architectures
assuming the use of modern technology. Four different power levels representative
of different application areas were surveyed. In addition, both liquid cooling and
air cooling are compared. The key findings from the trade space analysis were the

following:

« for all machine types, the specific power is inversely proportional to rated power;
o electric machine efficiency improves with increasing rated power;

« unlike Chapter 2, the optimal airgap is important for air cooling and its optimal

thickness increases with rated power;

« the tooth-and-slot Halbach array has the highest performance with respect to

system specific power across all power levels;

o with modern technology, tooth-and-slot stators offer greater specific power than

those of slotless stators;

» similarly, Halbach array rotors offer greater specific power than those with sur-

face permanent magnet rotors; and

o air-cooled electric machines offer competitive specific powers to liquid-cooled
machines in the multi-megawatt power range when accounting for the mass and

input power of the thermal management system.

125



In the second part of this chapter, the permanent magnet machine optimization
framework was updated for integration within a turbomachine engine. Both the
electric machine and low pressure spool of the engine were co-optimized to maximize
the system level performance of an integrated prime mover concept. The first finding
of this framework was that it is feasible to integrate a tooth-and-slot Halbach array
machine into a jet engine at cruise conditions. The integrated compressor generator
design has a specific power of 14.8 kW /kg. The design was evaluated in 2D finite
element analysis and it was confirmed that it meets the torque requirement for the

conceptual design.
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Chapter 4

One Megawatt Demonstrator

Trade Space Analysis

In Chapters 2 and 3, an integrated prime mover architecture is proposed and a com-
bination of trade space analysis and finite element analysis is used to take the IPM
through to a conceptual design. The key result is that an outer rotor, permanent mag-
net machine with a tooth-and-slot stator, Halbach array, and air cooling maximizes
the specific power of the system. However, the promising performance of this architec-
ture relies on modeling assumptions that may not be realizable in practice. Given the
absence of electric machines in this design space, the next phase of this project is to
take this topology through detailed design and ultimately a technical demonstration.
The machine in question is rated at one megawatt, which is the power level required
for turboelectric propulsion systems for regional aircraft [1]. Therefore this chapter
focuses on the selection of key design decisions for a one megawatt demonstrator via
a final set of trade space analyses. Chapter 5 then goes through the detailed design
and some experiments. This chapter addresses objective three defined in Chapter 1.

In this chapter, the following design decisions are addressed:
« number of Halbach array directions of magnetization,

o selection of neodymium-iron-boron vs. samarium cobalt for the permanent

magnet material,
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« the use of end turn cooling,
o selection of Litz wire gauge, and
o degree of skewing the stator.

Sensitivity studies are performed on the design parameters of the electric machine.
For the first time, the chapter introduces the power electronics necessary for a turbo-
electric drive. In addition, an iterative design approach is used in which key learnings
from the design phase are incorporated back into the framework to assess the impact

on the electric machine design point.

4.1 Demonstrator

4.1.1 Configuration

A back-to-back configuration, shown in Fig. 4-1, will be used to characterize the
integrated demonstrator performance. In this configuration, one copy of the electric
machine operates as a generator and powers the other copy which is operating as a
motor. The two copies are coupled via a shaft such that the motor is providing power
back into the generator. Thus, only the losses of the system need to be provided
by an external source. Assuming 92% efficiency, only 160 kW of power are required
to operate two integrated demonstrators, as opposed to 1 MW for a standalone one.
This power is available in the Gas Turbine Lab test cell.

The electric machine will not have turbomachine blades on the outer diameter
because they only generate windage loss in the proposed demonstrator configuration,
but the design could be integrated with compressor blades in future iterations to test
the IPM concept from Chapter 3. Each electric machine is connected to thirty sets
of full bridge converters. The power electronics utilize low loss, high voltage silicon

carbide transistors as switches.

128



{ AC-to-DC E E lr Generator wﬁr Motor wE E E ‘ DC-to-AC

Converters Converters

1
1
|
:__ __| DC Link Storage }‘_Lpower Slll)pl}'} _____

Capacitor

‘ External Power

Key:
B — Mechanical Power

- —-—-- = Electrical Power

Figure 4-1: In the demonstrator configuration, a motor and generator are connected
back-to-back such that only the losses need to be provided by an external power
source.

4.1.2 Objectives

The objective of the demonstrator is to prove the feasibility of the high specific power,
tooth-and-slot Halbach array design via a one megawatt technology demonstration.

The demonstrator seeks to showcase four critical enabling technologies:

1. air-cooling of an integrated, high power density electric machine,
2. structural integrity and rotordynamics of the high-speed Halbach array rotor,
3. low-loss performance of the stator architecture, and

4. integrated, high specific power electronic drives.

The mass of each component of the demonstrator will be measured such that the
specific powers of each subsystem can be compared to their predicted specific pow-
ers. In addition, the efficiency of the power electronics and electric machines will be
measured for comparison against their predicted efficiencies. The technical demon-
stration will be considered successful if the overall demonstrator meets its efficiency

and specific power targets, discussed in Chapter 5, at one megawatt of rated power.
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In addition to measuring the specific power and efficiency, other parameters of in-
terest on the electric machine side are the torque, torque ripple, open circuit voltage,
terminal voltage, resistance, inductance, and hotspot temperatures. These values will
be compared against the analytic and finite element analysis predictions to identify
where the machine performance deviates from the models in practice. This infor-
mation could be incorporated back into the co-optimization approach for any future

iterations.

4.2 Co-optimization

The optimization framework in this chapter derives from the trade space analysis
framework in the prior chapters. However, the framework is now updated to include
the power electronics design. The thermal management system is then designed for
cooling both the electric machine and the power electronics. In addition, design
decisions on the power electronics, such as transistor switching frequency, affects the
performance of the electric machine and vice versa. The objective of the framework
in this chapter is to maximize system specific power which accounts for the electric
machine, power electronics, turbomachine rim, and thermal management system.

This system-level optimization is referred to as co-optimization.

4.2.1 Approach

Figure 4-2 shows how the co-optimization framework functions at a high level. This
is similar to the block diagram for the trade space analysis framework in Chapter
3, except that it now includes the power electronics. The power electronics module
includes mass, available cooling area, and loss models. The mass and losses both
factor into the specific power metric. The power electronics cooling area and losses
are used for the thermal management system design.

An iterative approach was used to arrive at an initial design point for a detailed
design. These iterations have included a non-advocate review (NAR), several rounds

of co-optimization, and ultimately a preliminary design review (PDR) where the
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Figure 4-2: The framework from Chapter 3 is updated to include the power electron-
ics.

If hotspot temperatures
exceed material limits

Discard Design

design was nominally frozen. As the project moved from non-advocate review (NAR)
to preliminary design review (PDR), new findings such as measured core loss data
were continuously incorporated into the co-optimization framework in the form of
new models and data to understand their impact on the optimal design point. Figure
4-3 summarizes the major model changes that were included from NAR to PDR.

As the co-optimization framework was updated to include the new findings from
Fig. 4-3, the optimum demonstrator, and hence its specific power, changed as well.
Figure 4-4 shows specifically how the electric machine specific power changed with
each iteration as a consequence of the updates shown in Fig. 4-3. The University of
[linois Urbana-Champaign, University of Wisconsin, and University of Nottingham
motor conceptual designs, and NASA 2030 specific power target for electric machines
are shown for comparison.

Several models were added and changes were made to the framework from Chapter

3. These additions are described in the next section.
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Figure 4-4: Specific power first decreases from NAR to CO1, but continually increases
after CO1 with additional thermal modeling.
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4.3 Optimization Framework Updates

The optimization framework used in this chapter includes the following new models

and changes:

higher order Halbach array magnetic flux density model,
e power electronics mass, area, and loss models,

 high frequency electric machine loss models,

o doubling of the manufacturer core loss,

o Litz wire and slot insulation model, and

o permanent magnet loss model.

Descriptions of these models are provided in the following subsections.

4.3.1 Higher Order Halbach Array Model

Whereas the slotted Halbach array model in Chapter 3 only considered the elimination
of the turbomachine rim, an improved Halbach array model is incorporated into
the framework in this chapter. This model is based on a derivation provided by
Professor James L. Kirtley Jr. at MIT, where the permanent magnets of the Halbach
array are represented with ‘Chu’ magnetic charges [53] and/or Amperican current
densities depending on the direction of magnetization [54]. The new model is capable
of estimating the increased airgap flux density and torque generated by the Halbach
array, as well as the torque ripple. The details of the model are provided in Appendix

C with permission of Professor Kirtley.

4.3.2 Power Electronics Models

The power electronics mass and loss models were developed by colleague Mohammad
Qasim [29]. Both three phase and full bridge inverters were considered at the begin-

ning of the demonstrator design as discussed in Ref. [28]. Three phase inverters are
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a common way of driving electric machines. An example of a three phase inverter is
shown in Fig. 4-5. The switches shown in the circuit diagram of Fig. 4-5 are silicon

carbide MOSFETs.

O
+

Vi O Three-Phase
¢ O Machine
+—0

— 10

O

Figure 4-5: Circuit representation of a three-phase inverter.

However, since the electric machine for the demonstrator is in a new design regime
(i.e., high power, high speed, and low inductance), single phase, full bridge inverters
were also considered for the motor drive. In a comparison study between three phase
and full bridge inverter circuits, it was concluded that individual, full bridge circuits

for each phase are desireable for high-speed, low-inductance machines [28].

O
+

o
[
-

Figure 4-6: Circuit representation of a full bridge inverter.

The power electronics constrain the electric machine design in that they have a

maximum operating voltage depending on the transistor type. For the full bridge
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circuits for the demonstrator, silicon carbide MOSFETs were used. The electric
machine terminal voltage is constrained such that it does not exceed the MOSFET
device limit. This constraint was added to the co-optimization loop.

The switching of the power electronics transistors generate a high frequency ripple
that create additional losses in the electric machine, which increases the hotspot
temperatures of the machine. These high frequency losses are described in the next

subsection.

4.3.3 High Frequency Electric Machine Losses

The transistors in the power electronics switch such that a higher frequency ripple
current is generated. Thus, the current in the electric machine consists of the drive
current at the fundamental frequency plus this ripple current. While the loss models
for the fundamental frequency were established in previous chapters, the losses due to
the ripple current were not. Therefore two new loss models for the electric machine

were developed:

1. high frequency AC winding loss, and

2. high frequency core loss.

The high frequency AC winding loss model was implemented by Mohammad
Qasim and it is based on work from Xi Nan and C. R. Sullivan in Refs. [55] and
[56]. The high frequency core loss model was implemented by creating a reluctance

circuit to estimate the resistance of the laminations.

4.3.4 Detailed Winding Geometry

Although Chapter 3 considered some aspects of the windings such as the winding
insulation, the number of turns were fixed at two since there were no voltage or current
requirements. However, with the addition of the power electronics, the number of
turns in a slot is now an important design parameter. Specifically, additional turns

will increase the voltage.
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To maximize the amount of copper in a rectangular slot, rectangular Litz bundles
such as that of Fig. 4-7 or from Ref. [67] were considered in the design. This
particular bundle consists of 19 Litz strands of US American Wire Gauge (AWG) 24,
which corresponds to a 0.511 mm diameter for each strand. The bundle in Fig. 4-7
only has two rows of strands - one with nine and the other with ten strands. However,
it is feasible to use other strand counts or wire gauges at the tradeoff of achieving a

different fill factor. The details of the windings were considered in this design phase.

Figure 4-7: Photo of a 19 strand Litz bundle that was ultimately selected for the final
machine.

4.3.5 Permanent Magnet Loss Model

In Chapter 3, the permanent magnet loss was modeled as a simple, constant power
loss per unit mass. This value was based on finite element analysis of several design
points. In this chapter, the framework is updated to include more detailed permanent
magnet scaling that captures the dependence on design parameters such as slot current
density, angular speed, and pole pair count.

A model for estimating the losses due to modulation of the permanent magnet
flux density from the slot openings is derived in Ref. [57]. This loss component was
simulated in 3D finite element analysis and was found to be on the order of 150 W
for the demonstrator design point, which is small relative to the kilowatts of loss
generated from the winding spatial harmonics. For the co-optimization model, this

loss component is assumed to be negligible compared to the spatial harmonics of the
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windings. However, this loss component can be on the order of kilowatts if large
slot openings are used so this assumption is checked in finite element analysis. For
example, for the PDR design point, the permanent losses increase from 1.5 kW to

10.4 kW if the slots are completely open.

Permanent Magnet Eddy Currents

For tooth-and-slot permanent magnet machines, the eddy currents in the permanent
magnets are generated by (1) the modulation of the Halbach array magnetic field from
the slot openings [57], (2) the space harmonics from the stator windings, and (3) the
time harmonics from the power electronics switching. A simplified model, shown in
Fig. 4-8, helps explain the source of the eddy current loss. In this model, a radial,
time-varying magnetic field, B,, is passing through a magnet segment spanning from
an initial angle, ¢;, to a final angle, ¢, with thickness t,,,,. The magnet segment
is assumed to be sufficiently thin such that B, does not vary radially, but does vary

azimuthally.

Figure 4-8: The magnetic flux density at the stator surface becomes more sinusoidal
with increasing number of magnetization directions.

From Faraday’s law,

9B, .
A

E=—
V X T
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then, expanding the left-hand side of Eqn. 4.1 and considering the radial component,

10E, 0E, 0B,
r 0¢ dz Ot

(4.2)

In this simplified model, the magnet is assumed to be axially long such that there is
negligible variation of the azimuthal electric field in the axial direction, or 68% = 0.
For a smaller magnet, the eddy current turns at the front and back of the permanent
magnet such that this term could contribute to the loss. This contribution is com-
puted in 3D finite element analysis. For this simple model, the electric field in the

axial direction, as a function of the azimuthal angle, ¢, is solved via the integral:

B0 = [ g (4.3)

where R,, is used as the radius under the radially thin magnet assumption. The eddy

currents in the permanent magnet circulate such that there is zero net current:

tinag /q5 (jf 0B, (¢) Rpd¢p = 0 (4.4)

or, equivalently, the average value of the E-field is zero. If B, (¢,t) is known, the
E-field can be solved by Eqn. 4.3 and Eqn. 4.4. Lastly, the power dissipated in the

permanent magnet segment is

oy

P (t) = liag / 0B, (¢,1)° Rynded (4.5)

2

The primary challenge in estimating these losses in closed form is deriving an expres-

sion for B, (¢,t), and subsequently F, (¢,t) via Eqns. 4.3-4.4.

The following subsection describes the losses due to the winding spatial harmon-

ics. The losses due to the time harmonics from the power electronics switching are

simulated in 3D FEA in Chapter 5.
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Stator Spatial Harmonics

The fundamental component of the magnetic field from the stator is synchronous to
that of the rotor, so this fundamental component does not generate permanent magnet
losses. However, for a tooth-and-slot stator, the stator magnetic field concentrates at
the slot openings, which appear closer to a square wave then a sinusoid. The effect
is that higher order harmonics are generated, which create asynchronous fields in the

permanent magnet frame of reference. Therefore, the 8aBtr term in Eqn. 4.1 is non-zero

and eddy currents are generated.
For a one slot per pole per phase configuration with three phases, the equivalent

surface current from the three slots is approximately

K (0,,1) _ Lo > K,sin (npb,,) cos (wet) +

Wso 1=1,3,5,--
K, sin (np (6,, — 27/3)) cos (wet — 27/3) +

K, sin (np (0, + 2m/3)) cos (wet + 27/3)

where Iy = JpkAqor is the peak current in a turn and wy, is the slot opening width.

The Fourier series coefficients, provided courtesy of colleague Henry Andersen, are

2 nm Wso nmw Wso
K,= = o —cos (21 A7
e lcos( 5 anRag> cos( 5 +np2Rag>] (4.7)

Equation 4.6 can be simplified to

1
K (On,t) = 3 [ > Kysin(npby, —wet) + > Kysin(npb, +wet)| (4.8)

2 Wslot n=1,7; n=>5,11;--

From the rotor frame of reference, the 7th, 13th, etc. harmonics appear to be traveling
in the same direction as the rotor. However, the 5th, 11th, 17th, etc. are traveling in

the opposite. Considering angle 6,, = (2t and pf) = w,, Eqn. 4.8 can be rewritten as

Kpsin((n—Dwet)+ > Kypsin((n+ 1 wet)| (4.9)

Wslot n=1,7,13;- n=>5,11,17;--
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which is lastly equivalent to

37

2 Wslot n=0,6,12;--

K (0m)

(Kp—1+ Kpui1) sin (nw,t) (4.10)

The scalar potential solution to Laplace’s equation in cylindrical coordinates has

the general form

Y= i (Ay, sin (npby,) + By, cos (npby,)) (Cnr”p + Dnr_”p) (4.11)

where n is the harmonic number, p is the number of pole pairs, and A,, B,, C, and

D,, are scalars that can vary with harmonic number [58].

Since there is no ferromagnetic material outside the Halbach array, the potential
decays to zero as r — oo which is compatible with the »~" solutions. In addition, if
K (0,,) is used as a boundary condition at the stator surface and the ferromagnetic
stator is assumed to be infinitely permeable (i.e., 1) vanishes at the stator surface),
then the scalar potential solution will contain the cos (np,,) terms. Therefore, the

scalar potential in the airgap has the form

Yag = Z Dy,r7" cos (npb,, — wet) + E,r " cos (npby, + wet) (4.12)

Lastly, taking H = —V1 and setting it equal to 4.10 at r = R,,, the coefficients

D,, and E, are solved as

31 K,
Dn:_* pkﬁ’ n:1777 137 (413)

2wso npRagp

1 K,
En:_§ pkﬁ’ n=>511,17, - (4.14)

2wso npRagp

The radial H-field is therefore
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H.=—[ Y D,(np)r ™ "sin (npp — wet)

n=1,7;

+ > E,(np)r " "sin (np + wet) | (4.15)

n=>5,11;-

or substituting Eqn. 4.13 into Eqn. 4.15

—np—1
) sin (npg — wet)

—np—1
+ K, < T > sin (npd + wet) | (4.16)
n=5,11,17-- Rag

In the rotor frame of reference, the radial H-field is the sum of radially decaying

6n harmonics:

—(n—1)p—1
I
HrzéLk[ (Kn1<r>
2 wso 0,6+ Rag

n=»

r\ " Fp—1
K ( > ) sin (nwet)] (4.17)

R,s

and the radial B-field, B,, is equal to poH,. If the time derivative of Eqn. 4.17 is
taken, then % is notably proportional to slot current density from the I,; term and
electrical frequency from the sine term. The permanent magnet losses are therefore
expected to scale with slot current density and electrical frequency squared per Eqn.

4.5.

Comparison With 2D Finite Element Analysis

The scaling from the prior subsection was checked and informed with the use of 2D
finite element analysis (FEA). In this 2D FEA setup, a three phase current source is
driving an electric machine as a motor. The rotor is fixed to rotate at a constant speed

corresponding to the design speed. The time-varying magnetic fields were extracted
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throughout the permanent magnets and the eddy current loss, as computed by the
2D FEA software, was collected.

An example rotor, shown in Fig. 4-9, was discretized into many segments radially
to extracted the B-field. Specifically, the time-varying field was extracted along each
radial arc at a fixed angle in the rotor frame of reference. In this particular example,

the electric machine was driven at 2 kHz fundamental.

PM discretized
into segments

Titanium rim

8-direction
Halbach array

_ i i 147
Cross-section of rotor pole pair mm- 56.8 mm

Figure 4-9: The time-varying magnetic flux density was extracted at different radii
for an example in 2D finite element analysis.

Figure 4-10 shows the derivative of the time-varying B-field within the permanent
magnets at different radii. All of the signals are periodic as expected from Eqn. 4.17.
However, the magnetic flux density becomes more sinusoidal towards the back of the
permanent magnet which suggests that the higher order harmonics have decayed.

A fast fourier transform on the waveform from Fig. 4-10 shows the spectrum of
the time-varying magnetic flux density. The spectrum shows the 6n harmonics at 12
kHz, 24 kHz, etc. Since the fundamental is 2 kHz, these 6n harmonics match that
predicted from Eqn. 4.8.

The peak magnitudes of the harmonics are plotted versus radii in Fig. 4-12. When
plotted this way, the harmonics clearly decay with radius as expected from Eqn. 4.17.

142



6000 ¢ —&— 147 mm
A ﬁ,‘g% #| —=— 147.5 mm
3 Jact m‘;
e e it
"'!}_’ e b LiE 2

d —a— 148 mm
4000 fﬂ? % = 148.5 mm

B
s

151.4 mm
151.9 mm
152 4 mm
152.9 mm
153.4 mm
153.9 mm
154.4 mm
154.9 mm
155.4 mm

G 155.8 mm
—&— 156.3 mm
—&— 1568 mm

350 400 450

-2000

b
2
=3

149 mm
148.5 mm
149.9 mm
150.4 mm
150.9 mm

¥

;';}

i

Magnetic Ilux Density Derivatve T/s

-

6000

e

-8000

150 200 250
Time [pes]

Figure 4-10: The time-varying magnetic flux density more closely approximate a pure
sinusoid towards the back of the permanent magnet.

For the 10 pole machine in this example, the first harmonic (n = 6) is expected to be
the sum of an r—°09-1 and r~709-1 term. A curve fit, shown with the blue squares
in Fig. 4-12, shows the FEA data matches this trend. The power dissipated in this

magnet is then proportional to the area under the curve, or

. —51 . —7172
D d 4.1
o(m) olm) e e

The scaling law is finally derived by considering what happens when, for example,

Rag+g+tmag

Ploss,PM X
Rag+g

the airgap thickness is changed. Figure 4-13 shows how the integration window for
the permanent magnet loss shifts when the air gap is increased from 2mm to 4mm.

In this particular example, the higher order harmonics are negligible.

In general for a machine with p pole pairs, and only considering the first harmonic
term, the permanent magnet losses are proportional to the magnet radius, air gap

thickness, and geometry as
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Figure 4-11: The spectrum of the dB,/dt signals shows the 6n harmonics of the
signals relative to the fundamental at 2 kHz.
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For higher pole pair count machines, the RLg_‘:’p_l term does not decay as fast as the

r —7p—1

R , so the latter can be neglected as an approximation. Then, starting from
ag

a nominal power loss, Pyom, air gap thickness, gnom, and magnet thickness t,om, the

permanent magnet losses at a new design point are scaled by

e e G Il A

2
75 nomil 77 nomil
g o (e N L p () dr
Ry gnom g R

(4.20)

f (Rm; g9,p, tmag) =

This scaling provides the last information needed to derive the PM scaling formu-

lation in the co-optimizer.
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Figure 4-12: The magnetic flux density at the stator surface becomes more sinusoidal
with increasing number of magnetization directions.
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Scaling Formulation

The permanent magnet loss scaling formulation is based on using 2D FEA data from
a nominal design point, whose variables are denoted with subscript nom, and then
using the scaling discussed in the last two subsections to estimate the loss at a new

design point. From Eqn. 4.5, the ratio of these losses is

PPM g { tmag f‘iif;:;;m Ez,nom (¢)2 Rm,nomd(b
- (=) (; , (4.21)

Piom  \Ounom/ \lnom ) \ tmag,nom 3 B, (¢)* Rpndg

Specifically, the permanent magnet loss scales as

2 2 2
g 12 We windin J
e () (1) () (e () s
nom nom e,nom winding,nom nom
(4.22)

where f (Tag, D, tmag, g) corresponds to the form of Eqn. 4.20. The J and tyinding
terms appear under an assumption of constant wyg/ws,. In addition, only the first
harmonic term was considered in this scaling, but higher order harmonics can be
incorporated to improve accuracy.

This permanent magnet loss scaling was tested using 2D FEA by varying different
design parameters that appear in Eqn. 4.22 and comparing the permanent magnet
loss. Figure 4-14 shows the loss scaling with slot current density, air gap thickness,
pole pair count, and rotational speed. For this particular study, the nominal slot
current density was 13 A/mm?, nominal rotational speed was 12,000 rpm, nominal
pole pair count was 10, and nominal air gap thickness was 2mm. The largest observed
difference was for the air gap thickness scaling, which was found to be approximately
30%. For the co-optimizer, permanent magnet losses were therefore extracted at all

swept air gap thicknesses and used as nominal losses to improve the scaling accuracy.

146



12+ S g“el!
L aseline
09 2-D FEA Data
=T “osh
< &
o 08} o 07
p »
i Z o6
S o0sf kS
= Model =
= 0 Baseline é 05
Z04f 2-D FEA Data E
] S 041
- - \
02r
03+ \
0 0.2

0 0.2 04 0.6 0.8 1 12

11 1.2 13 1.4 15 16 17 18
Normalized Slot Current Density (J/Juom) [-]

Normalized Airgap (9/guom) -]

-

(a) PM loss scaling with slot current density. (b) PM loss scaling with air gap thickness.

45 161
4+ Model |
\ | Baseline 4
35 \ 2-D FEA Data = Y
< \ g
o 3t o
< s !
2 25 P
3 708 hode
=] =] C aseline
-2 = 2-DFEA Dala
s 506
EREy E
2 1t S o4l
05 . 02
0 0
0 05 1 15 0 02 04 06 08 1 12 14 18

Normalized Pole Pair Count (p/pyom) -] Normalized Angular Speed (2/Qyom) ||

(c) PM loss scaling with pole pair count. (d) PM loss scaling with rotational speed.

Figure 4-14: PM loss scaling.
4.4 Design Decisions

The updated models from Section 4.3 were used to inform many demonstrator de-
sign decisions from the non advocate review up to the preliminary design review.

The following subsections describe the steps towards making these decisions and the

outcomes.

4.4.1 Torque Ripple Reduction Technique

An electric machine designed for integration with a turbomachine will ideally produce
constant torque without ripple. The torque ripple is undesirable because it can lead

to mechanical issues such as bearing wear as well as noise [59]. A traditional method
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for reducing the torque ripple is to skew either the rotor or the stator [58]. This
method involves staggering the laminations or rotor magnets in the axial direction
of the machine. A second method discovered during this design phase is to use more
directions of magnetization in the Halbach array. Both options are discussed in the
following subsubsections. Ultimately, the machine is not skewed and instead a four-

directional Halbach array is used.

Stator Skew

One method for reducing the torque ripple of an electric machine is to skew the
stator [58]. Skewing means to stack each lamination of the electric machine at an
angle compared to the previous lamination. The interaction between the stator and
rotor fields will average out across the lamination stack, which eliminates the cogging
and ripple torque. There are two downsides to skewing the stator. First, features
such as keyways for the internal heatsink will be staggered and would require either a
complicated heatsink design or custom laminations throughout the stack to keep the
heatsink in place. Second, the length of the winding in the slot is increased, which

increases Ohmic losses [58]. An example of a skewed stator is shown in Fig. 4-15.

(a) Isolateral view of skewed stator. (b) Side view of skewed stator.

Figure 4-15: The laminations in a skewed stator are stacked at angular offsets such
that the full machine appears twisted.

To evaluate the impact of skewing the stator, the skewing factor derived by Pro-

fessor Kirtley in Ref. [60] was used. The skew factor, k,,, is defined as

_sin(ng) (4.23)



where o is the skew angle and n is the harmonic number. The impact of the skew on an
example two block Halbach array machine similar in design to the final demonstrator
machine, assuming sinusoidal input currents, is shown in Fig. 4-16. The skew factor

and torque harmonics were considered for every odd harmonic from n = 1 to n = 181.
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Figure 4-16: Increasing the skew angle of the stator further reduces the torque ripple.

The torque ripple values corresponding to Fig. 4-16 are summarized in Table 4.1.
Even with a large skew angle of 36°, the torque ripple is still 133 Nm which is 20% of
the average torque. Larger skew angles could be pursued for further reduction, but
would also increase the winding loss and manufacturing complexity. Instead, as will
be shown in the next subsection, a higher order Halbach array can reduce the torque

ripple.
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Table 4.1: Torque ripple decreases with increasing skew angle.

Skew Angle [degrees] | Torque Ripple [Nm]
0 204.6
9 200.3
18 186.9
27 164.2
36 133.3

Higher Order Halbach Array

A Halbach array reduces the torque ripple from a surface permanent magnet array
because it does not produce as many higher order harmonics as a surface permanent
magnet array. Although the conventional Halbach array has just four directions of
magnetization, it is feasible to add even more directions of magnetization to further
reduce torque ripple as shown in Fig. 4-17. However, these higher order Halbach
arrays are more complicated to manufacture and add both cost and lead time.

Figure 4-18 shows how additional directions of magnetization in the Halbach array
result in a more sinusoidal magnetic flux density. The flux densities in this example
are taken at the surface of a stator that is three millimeters from the magnet arrays.
Otherwise, the magnet thickness is the same at 10.30 millimeters.

The harmonic content of each type of magnet array is shown in Table 4.2. For
this particular design, the swap from surface permanent magnet to the Halbach array
increases the fundamental component by 40%. An additional 10% increase is feaible

by moving from a two segment array to a six segment array, at increased assembly

(a) Surface permanent magnet array. (b) 2 block Halbach array.
S —
S Tl e A A AN N
(c) 3 block Halbach array. (d) 4 block Halbach array.

Figure 4-17: Higher order Halbach arrays have an increasing amount of directions of
magnetization to produce a more sinsusoidal magnetic flux density.

150



1 Segment
2 Segments
3 Segments

0.8

4 Segments
5 Segments
6 Segments

Magnetic Flux Density [T]

-1 1 1 1 1 1 L 1 J

0 50 100 150 200 250 300 350 400
Electrical Angle [degrees]

Figure 4-18: The magnetic flux density at the stator surface becomes more sinusoidal
with increasing number of magnetization directions.

complexity, cost, and lead time.
While the PDR design did not have a specific torque ripple requirement, the four
block Halbach array was selected for PDR design based on both the sub 1% ripple

and discussions on cost and lead time with the magnet manufacturer.
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Figure 4-19: Torque ripple is substantially reduced with 4 directions of magnetization
onwards.

Table 4.2: The fundamental component of the flux density increases with increasing
number of Halbach array segments.

Harmonic Number | 1 Seg- | 2 Seg- | 3 Seg- | 4 Seg- | 5 Seg- | 6 Seg-
ment ments | ments | ments | ments | ments

1 0.59 0.83 0.88 0.90 0.91 0.92

2 0.22 0 0 0 0 0

3 0.09 -0.13 0 0 0 0

4 0.04 -0 0.06 0 0 0

5) 0.02 0.03 0 -0.03 0 0

6 0.01 0 0 0 0.02 0

7 0.01 -0.01 0.01 0 0 -0.01

8 0.03 0 0 0 0 0

9 0.0018 0.0025 0 0.0027 |0 0
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to less than 1% for the PDR design without skew.
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4.4.2 Slot Fill Factor

A common packing structure for litz bundles is a hexagonal packing structure as
shown in Fig. 4-21. This structure results in a theoretical 91% fill factor assuming the
strands are made entirely of copper. In practice, each strand has an outer insulation
layer such that the fill factor is lower than 91%. This outer insulation layer is also
shown in Fig. 4-21. The strand insulation thickness decreases with higher American
wire gauge (AWG) or, equivalently, thinner litz strands. For example, the insulation
thickness for AWG 30 strands is 0.7 mil, whereas for AWG 24 strands the thickness
is 0.95 mil. These are thicker than what might be found in literature because the

insulation has to withstand the bundle compaction process.

Figure 4-21: 2D cross-sectional area of the hexagonal packing structure as indicated
with the light blue hexagon.

A litz bundle consists of multiple litz strands and typically have either a circular
or rectangular form. In the rectangular case, the edges of the bundle will have empty
space due to the circular form of the strands. The space along the edges for an
example litz bundle is shown in Fig. 4-22. Due to this edge effect, the achievable
packing factor is closer to around 80% for this example. The impact of this edge

effect is ultimately a function of the bundle shape and dimensions.
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Litz Strand

Strand Insulation
<«—Bundle Insulation

Figure 4-22: When the bundles are packed in a rectangular area, there are large gaps
at the edges which minimize packing factor.

Lastly, thicker insulation is placed between the winding turns as well as around
the edge of the slot to insulate against the larger turn voltages. A possible layout is
shown in Fig. 4-23. These thick insulation layers reduce the available space in the
slot for litz wire and therefore further reduces the achievable slot copper fill factor.
These insulation layers are made of a material such as Nomex 410 [61] to prevent
the bundles from shorting with the stator core. The ratio of slot liner area to total
slot area will be a function of the slot dimension, number of turns, and insulation
requirements which directly affects the slot liner thickness. Assuming 7 mil slot liner

for the example design in Fig. 4-23, only 92% of the slot is left for the litz bundles.

The slot fill factor is expressible as the product of the fraction of the slot remaining
after the slot liner, Ky, the fraction of insulated strands to the bundle area, Ky ngle,

and the fraction of a strand that is actually copper, Kgirand-

Kcu = lebundleKstrand (424)

For AWG 24 wires with 0.95 mil insulation thickness, the strand copper fraction,
Ktrand, 18 0.84. Although the ideal bundle packing factor is 0.91 for hex, a more
realistic number is on the order of 0.8 for Ky unqie. Lastly, the slot liner factor, K, for

the example in Fig. 4-23 is 0.92. Using these values for Eqn. 4.24, a maximum slot
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Litz Strand

Figure 4-23: Cross-sectional view of a slot with the detailed Litz strands, strand
insulation, and slot liner.

copper fill factor of 61.8% is achievable. During the sweeps, the slot copper fill factor
optimizes closer to 50% because Kjunqgie is less than 0.8 for the two row rectangular
litz bundles shown in Fig. 4-7.

Although the baseline sweep assumed 50% slot copper fill factor, the design space
was reswept with 65% fill factor to examine the sensitivity of the optimum to this
parameter. Figure 4-24 shows that the higher fill factor shifts the optimum design
point to a greater speed. In addition, the demonstrator specific power increases by

6%.

156



10.5

80 -
-
10 =
=
70 k &
— 9.5 -
& <
; 60 9 &
2 85 =
5 507 g
T <
7 8
75 &
<
a

7

8 9 10 11 12

Mechanical Speed [krpm]|

Figure 4-24: Slot copper fill factor of 0.65.

4.4.3 Litz Wire Gauge

A smaller Litz wire diameter reduces the proximity effect and skin effect losses in
the windings. The skin effect is the tendency of AC current to concentrate towards
the edges of a wire. Since the current is concentrated near the edges, the effective
cross-sectional area of the strand is smaller and therefore the resistance and hence
losses are greater.

When two conductors are nearby with an alternating current, the magnetic field
generated by one will influence the current distribution in the other and vice versa.
Similar to the skin effect, this reduces the effective cross-sectional area of the strand
and therefore increases losses. This is known as the proximity effect.

The peak B-field in a slot is Bipkac = ,LLONZU—IS”’“, where g is the vacuum permeabil-
ity constant, N, is the number of turns, I, is the peak current in a turn, and w; is
the width of the slot. The losses due to the litz wire depend on the distribution of the
litz wire (i.e., number of rows and columns). As an approximation, the litz strands
are assumed to be distributed uniformly and each litz strand occupies a region of

dimensions dg, by dg.,. If there are n,..s rows of strands and n.,s columns, then the
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total area of the Litz strands is
nrowsncolsdgtr - Kuhsws (425)

and

rows = ———— 4.26
" dstr ( )

VK, ws
dstr

(4.27)

Neols =

The power dissipation is derived based on Ref. [62]. Assuming the B-field passes
through a strand in only one direction, the time-average power dissipated in a litz

strand due to eddy currents is

mlw, B? Tood
Prcyuire = T (4.28)

The total AC losses accounting for all the strands, Pac tot, is therefore

PAC,tot = nrowsncolspec,wire (429)

nrowsncols’ngwe B%pk ACO20 dgtr
= d 4.30
128 ( )

where Py wire is the AC loss per strand. Equation 4.29 shows that the total AC
winding loss is linearly proportional to the axial length of the machine and electrical
frequency which are swept parameters in the co-optimizer. The conductivity, o590, is
a fixed material property. The peak B-field, Bipk ac, is a function of a slot current
density and slot geometry which is also a swept parameter. Therefore the primary
degree of freedom in modifying the AC winding loss is the selection of the litz strand
diameter, which the loss scales with to the fourth power. For type 8, rectangular
litz bundles, the manufacturer stated that AWG 24 is the smallest strands that they
can make a bundle with. Any smaller strands will lead to the bundle losing its
form. Smaller, circular litz bundles are feasible, but have much lower bundle packing

factors. For earlier co-optimization design iterations, these circular bundles of AWG
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30 strands resulted in copper fill factors on the order of 36%.

To determine if it was worth trying to find higher gauge rectangular litz bundles,
the optimum design with AWG 24 was compared to a case where the AC losses are
zero. Slot copper fill factor was held constant. This resulted in a 7% increase in
demonstrator specific power. Given that the strand fill factor decreases with increas-
ing gauge, this 7% may be optimistic and did not warrant pursuing higher gauge

rectangular bundles.

4.4.4 NdFeB Versus Samarium Cobalt

In earlier iterations of the EM design, both neodymium-iron-boron (NdFeB) and
samarium cobalt (SmCo) magnets were considered. While the NdFeB magnets are
lighter than SmCo magnets and may be capable of producing greater torque, they
are also more sensitive to temperature and at higher risk of demagnetization. In
particular, the reversible temperature coefficient for NdFeB is four times greater than
the coefficient for SmCo, as shown in Table 4.3. If the magnet temperature exceeds
70°C, SmCo has a greater remanent flux density. In addition, from the permanent
magnet scaling from Eqn. 4.22, NdFeB magnets will have approximately twice the

loss to that of SmCo, all else equivalent, due to their lower electrical resistivity.

Table 4.3: Although NdFeB permanent magnets have greater remanent flux densities
and lower mass densities than SmCo does, they can only operate up to 220°C.

Parameter NdFeB [63] SmCo [5]
Remanent Flux 1.24 1.19
Density at 20°C [T
Mass Density [kg/m?] 7500 8300
Maximum Operating 220 350
Temperature [°C]|
Resistivity [(2 - pum] 0.9 1.6
Reversible -0.12 -0.035
Temperature
Coefficient [%/°C]

Optimal NdFeB and SmCo designs are shown in Table 4.4 after co-optimization

sweeps using each material. The magnet performance is adjusted for 100°C based on
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the magnet hotspot temperatures from prior design iterations. The actual magnet
hotspot temperatures estimated from the framework are 99°C and 93°C for NdFeB
and SmCo, respectively. Due to the larger permanent magnet loss from the NdFeB
design, the SmCo based demonstrator has a 3% greater specific power. Due to en-
abling a greater demonstrator specific power and offering a higher maximum operating

temperature, SmCo magnets were selected for the final demonstrator design.

Table 4.4: Summary of NdFeB vs. SmCo designs.

Parameter NdFeB | SmCo
Demonstrator Module Specific Power [kW/kg] | 9.62 9.94
Demonstrator Module Efficiency [%)] 95.1 95.5
Shear Stress [kPal 48.5 62.3
Rotational Speed [rpm] 9500 8000
Magnet Hotspot Temperature °C 99 93
Winding Hotspot Temperature °C 179 180
Slot Current Density [A/mm?] 10 10.5
Aspect Ratio [—] 2.2 1.8
Active Length [mm)] 261 224
Tip Radius [mm)] 118 127
Pole Pair Number [—| 10 12
Fundamental Frequency [kH z] 1.583 16
Switching Frequency [kHz| 60 60
Air Gap Thickness [mm] 2.5 2.5
Magnet Thickness [mm)] 12.9 13.8
Winding Thickness [mm] 18.4 20.5

4.4.5 Doubled Core Loss

As mentioned in Chapter 3, the core loss in the stator ferromagnetic material is based
on a fit of the Steinmetz equation to manufacturer data. An example of the core loss
data for four mil, Hiperco 50A is shown in Fig. 4-25.

In the real machine, the core loss can exceed that provided by the manufacturer by
up to 100% [64]. For example, the flux densities in the machine will contain harmonics
if the steel saturates. In addition, the cut edge of the laminations may have reduced
permeability due to trauma during the laser cutting or stamping process, which can

also increase core loss. While finite element analysis can estimate the harmonics,
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Figure 4-25: Manufacturer core loss for four mil Hiperco 50A after an annealing [75].

the other effects are more difficult to estimate before manufacturing and testing the
machine. To account for this deviation, the core loss estimated from the Steinmetz
equation, which is based on the manufacturer data, is doubled in the co-optimizer
software. This doubling of the core loss has a significant effect on the demonstrator
optimum. Shown in Fig. 4-26, if the safety factor of two is removed, the demonstrator
specific power increases by 17% and optimizes to a greater rotational speed.

Due to the uncertainty in the core loss, the safety factor of two on the core loss
was maintained throughout the rest of the machine design. Given that the machine
will be aggressively air cooled, a major objective throughout the detailed design and
manufacturing of the stator is to maintain low core loss. If the core loss is found to
be closer to the manufacturer data, it would be possible to revisit the results of Fig.

4-26 and obtain up to 17% greater demonstrator specific power.
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Figure 4-26: The demonstrator specific power increases by 17% if the core loss safety
factor of two is removed.

4.4.6 End Turn Geometry

The end turns on the electric machine are the portions that extrude beyond the stator
of the machine. The volume of these end turns typically comprise a small fraction
of the overall winding volume and therefore have a minor impact on resistance, in-
ductance, and winding losses. To attempt to capture as much of the electric machine
design performance analytically as possible, an initial triangular end turn geometry

based on Ref. [17] was assumed.

Initially, the end turns were assumed to have a negligible impact on electric ma-
chine performance since they would only add a small amount of Ohmic loss and
therefore temperature rise. However, a mockup stator section showed that the end
turns were actually circular rather than triangular. A circular end turn model was
adopted into the model, and the winding hotspot temperature increased by approxi-
mately 18°C due to its longer length. At the time, the air cooling only extracted heat
via the airgap and heat sink on the inner diameter of the machine. Heat from the end

turns was conducted axially into the machine and pulled out via the airgap or heat
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sink. This sensitivity of the winding hotspot temperature to the end turn geometry

motivated the use of end turn air cooling.

Circular End Turns

A 3D mockup of the electric machine was created and it was found that the end
turns are more circular rather than triangular for this particular machine. Therefore,
the co-optimization model was updated to include circular end turns. An example of
circular end turns is shown in Fig. 4-27.

The circular end turn model is similar to that for the MIT cheetah robot in Ref.
[43]. The radius of this circular end turn, e circ, is approximately half the distance
from the exiting slot of the end turn to its returning slot, or

T win
Tet,circ = d (431)

2p

where ryinq is average radius of the windings (i.e., the center of the slot). In practice,
the circular end turns do not immediately bend when coming out of the slot. Instead,
it extrudes axially several millimeters which is captured with a variable fe; axialext-
Therefore the total circular end turn length is the sum of the axial extrusions and
half the circumference of the circular bend:

2 Twind

ge circ — Y 2€e axialex 432
t, m 2 + 2Let axialext ( )

When the triangular end turn model was switched to a circular end turn model
for an intermediate co-optimization design iteration (CO1.5), the end turn length
increased by 36% which resulted in 12% greater I?R loss in the machine. In addition,
the longer end turn length increased the thermal resistance between the end turn and
the cooling flow in the air gap and heat sink channels. These two effects resulted in
a 30°C greater winding hotspot temperature, which exceeded the 180°C limit. This
motivated the consideration of end turn cooling for the machine which is discussed

next.
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(a) Isolateral view of motor (b) Drawing of circular end
with circular end turns. turns.

Figure 4-27: Circular end turn geometry.

End Turn Cooling

Since it was discovered that the electric machine winding hotspot temperature is
sensitive to the end turn geometry, it was decided to air-cool the end turns as well.
Due to the complicated 3D geometry of the end turns, a 3D computational fluid
dynamics simulation is necessary to evaluate the impact of air cooling the end turns.
Prior to running this more complex simulation, an attempt to estimate the impact of
end turn cooling was made by reducing the thermal resistance by a factor of ten. A
co-optimization sweep was run and the results are shown in Fig. 4-28. The optimal
demonstrator specific power increased by 16% due to the usage of end turn cooling.
This large difference in specific power motivated a more detailed end turn cooling

design which is discussed in Ref. [27].
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Figure 4-28: Thermal resistance value that is used in the co-optimizer is reduced by
a factor of ten to simulate end turn cooling.

4.5 Demonstrator Design Point

To generate a final design point for a more detailed design, the following design

parameters were swept:

Table 4.5: List of input parameters for design trade study.

Units Range Examined
Rotational speed rpm 10000 - 13000
Shear stress kPa 14:7:62
Length-to-tip radius ratio - 1, 1.5, 1.75, 2, 2.25
Number of pole pairs - 20, 24, 28, 32
Slot current density Apk/mm? 10:1/3:14
Air gap thickness mm 2.5,3,3.5
Nondimensional magnet thickness - 0.3,0.4, 0.5
Switching frequency kHz 20, 40, 60, 80

The specific power of the highest performance designs versus shear stress and
rotational speed is shown in the contour plot in Fig. 4-29. The optimum rotational
speed is at 12,500 rpm and electromagnetic shear stress is at 42 kPa. The shear

stress of the PDR design is actually lower at 34 kPa because it had to be adjusted
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to reduce the stator tooth magnetic flux density saturation. Although the design is
at the edge of feasibility, several measures of conservatism were adopted in the co-
optimization framework which are discussed in Section 4.5.3. If even these measures

prove inadequate, the co-optimizer can be rerun with more conservative assumptions.
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Figure 4-29: A contour plot shows a maximal SP demonstrator design at a rotational
speed of 12,500 rpm and an electromagnetic shear stress of 42 kPa.

Of the explored design space, higher specific power electric machines may be
feasible than that corresponding to the optimum demonstrator. Table 4.6 shows a
comparison of optimizing for demonstrator system specific power, versus optimizing
for standalone electric machine specific power. Optimizing for electric machine SP
increases the electric machine SP by 18.7%. However, optimizing for the overall
demonstrator system specific power results in a specific power increase of 38% with
the trade off that the electric machine SP is lower.

To maximize the standalone electric machine specific power, the power electronics
losses are minimized and the thermal management system power is maximized to
increase the capacity for cooling the electric machine. Table 4.6 shows how the PE
losses are halved but the PE mass increases four fold when moving from system-

level optimization to EM optimization. In addition, the TMS power increases by
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Table 4.6: Maximizing system specific power results in an estimated 38% greater
system specific power than optimizing for just the standalone electric machine specific

power.
Objective Function
Parameter Maximize System | Maximize Electric
Specific Power Machine Specific
Power
Demonstrator Specific | 15.26 11.07
Power [kW/kg]
Demonstrator Efficiency | 93.99 93.72
7]
Electric Machine Specific | 25.85 30.69
Power [kW/kg]
Electric Machine Mass | 37.98 31.91
k9]
Electric Machine Losses | 20.7 24.6
(kW]
Power Electronics Mass | 9.83 40.09
k9]
Power Electronics Losses | 18.6 9.5
(kW]
TMS Mass [kg] 13.77 12.70
TMS Power [kW] 21.5 29.7
Tip Radius [mm)] 118.7 129.7
Axial Length [mm)] 207.7 227.0
Shear Stress [rpm)] 41.55 34.6
Rotational Speed [rpm] 12,500 11,500
Pole Pairs [rpm)] 12 16
Electrical Frequency [Hz] | 2500 3067
Core Loss [W] 6702 8364
Ohmic Loss [W] 6280 7586

approximately 8 kW.

These two effects allow the maximal SP electric machine to optimize to a greater

number of poles, which reduces back iron thickness and improves electric machine

SP. Although this increases electrical frequency and hence core loss, this is feasible

with the increased TMS cooling capability. In addition, the optimized standalone

machine is axially larger with a smaller airgap of 3 mm, greater current density of

13 A/mm?, and both thinner magnets and stator teeth. In contrast, the EM that
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maximizes system SP has an airgap of 3.5 mm and slot current density of 12 A/mm?.
Therefore, there is a system level benefit to co-optimization, but it may be feasible
to construct higher specific power electric machines at the expense of heavier power

electronics and greater input power to the thermal management system.

4.5.1 Finite Element Analysis

The demonstrator design point from Fig. 4-29 was simulated using 2D finite element
analysis in the Altair Flux software [4] to obtain higher resolution estimates of the
machine performance and to check the level of saturation in the stator. The design is
considered over saturated if sections of the stator surpass the "knee" of the B-H curve
of the ferromagnetic material as indicated in Fig. 4-30. This "knee" corresponds to

about 2.1-2.2T for FeCoV material.
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Figure 4-30: BH curve used in FEA corresponding to Hiperco 50.
From the 2D FEA, the torque of the machine was found to be below that estimated

from the co-optimization framework. Figure 4-31 shows the electric machine torque

with and without saturation. The case without saturation is simulated by setting the
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relative permeability of the stator to a large value (i.e., 10,000). For the saturated case
which uses the manufacturer material data, the average torque is just 661 Nm and
the peak-to-peak torque ripple is 130 Nm, which is 19.7% of the average. Therefore

the machine design needs to be modified to reduce saturation.
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Figure 4-31: Large ripple found in first iteration of the PDR design due to saturation
in the stator teeth.

The tooth tips, bottom of the stator teeth, and the stator back iron were found to
be saturated past 2.2 T as shown in Fig. 4-32. The tooth tips can be modified with
a taper to reduce the flux density magnitude as will be discussed in Chapter 5. The
rotor back iron can also be extended radially inward to increase its cross-sectional
area and hence reduce the flux density.

However, it is difficult to reduce the B-field at the bottom of the stator teeth.
The slot section is sized specifically for the rectangular litz bundle from Section 4.3.4.
The stator teeth therefore cannot simply be expanded wider because it reduces the
available area for windings, which increases the I?R losses. In turn, this increases
the winding hotspot temperature which was already at the 180°C limit by design.

Instead, the approach described in the following subsection is used to find a valid
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Figure 4-32: The tooth tips, bottom of the teeth, and stator back iron are saturated
at 2.3 T - well beyond the knee of the B-H curve [4].

electric machine design without oversaturating the machine.
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4.5.2 Design Modifications

The approach to finding an unsaturated electric machine design is the following. First,
the winding hotspot temperature is reduced and the optimal design is extracted and
simulated in 2D FEA. If the machine is still saturated, the number of pole pairs,
rotational speed, slot current density, air gap, and magnet thickness are all parameters
that can be tuned such that the teeth are no longer saturated. For some hotspot
temperatures, this tuning is not possible since all variations in slot current density,
air gap thickness, etc., still result in a winding hotspot temperature that exceeds the
180°C limit. The approach to finding a valid demonstrator design point is shown in

Fig. 4-33.

Maximum winding hotspot
temperature = 180°C

‘ Reduce maximum
hotspot temperature

[Extract optimal EM design]

Simulate in -
[ 2D electromagnetic FEA ] - [ Modify Jm, g, p, and ©2 ]

4

[ Check winding hotspot ]
If Biooth < 2.2T temperature < 180°C

; : Simulate in
[ Valid EM Design ] - [QD electromagnetic FE

If Biooth < 2.2T

Figure 4-33: Block diagram showing the methodology for finding a valid demonstrator
design.

A winding hotspot temperature of 173°C was found to provide sufficient margin
to generate an electric machine without saturation. This provides 7°C of temperature
margin to modify aspects of the design such as the slot width which will increase loss
and hence winding temperature. Next, the electric machine was simulated in finite
element analysis. After parametric analysis, the pole pair count was reduced from

twelve to ten, and the speed was increased from 11,500 rpm to 12,500 rpm without
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violating any structural, voltage, and thermal constraints. The magnetic flux density
contours after these changes are shown in Fig. 4-34. The majority of the stator is
below the knee of the B-H curve, with the two exceptions being the base of the stator
tooth and the corner of the tooth tip. The flux density levels throughout the stator

are discussed more in Chapter 5.
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Figure 4-34: The saturation levels are reduced with the changes described above [4].

Lastly, the torque of the machine was checked in 2D FEA and is shown in Fig.
4-35. This machine produces the target 765 Nm of torque at 12,500 rpm to generate
one megawatt of power. In addition, the peak-to-peak torque ripple is minimized to
just 0.95% by the use of four directions of magnetization in the Halbach array. This
design sets the basis for a more detailed design in Chapter 5. The 2D and 3D finite
element analysis of other parameters, such as voltage, are the subject of the next

chapter.
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Figure 4-35: Torque waveform over one mechanical cycle for the PDR design extracted
from Altair Flux [4].

4.5.3 Measure of Conservatism

The following measures of conservatism are assumed on the electromagnetics side:

 Empirically-estimated core losses doubled: the core losses measured on
the toroid are doubled to try to account for harmonics, rotating B-fields, and
other sources of loss in the full stator that are not accounted for in the toroid

test.

« Winding hotspot temperature margin: although the co-optimizer filters
designs with winding hotspot temperatures at 180°C, the actual winding insu-

lation is rated up to 200°C to provide margin.

e Flux densities throughout stator limited to knee of curve: the flux
densities in the stator are limited to the knee of the curve to try to keep the
B-H curve in the linear regime. This is done due to the concern that the FEA
may not properly capture the machine performance if the steel is pushed too

far into saturation.
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On the structural side, the titanium rim is sized such that the stresses in the rim
are less than or equal to half the titanium yield stress [27]. Similarly, the bearing
inner diameter must be large enough such that at least an additional 30% of the
design cooling air mass flow can be passed in the event that additional cooling is

required [27].

4.5.4 Demonstrator Specific Power Comparison

Due to the absence of publications on integrated electric machine (EM), power elec-
tronics (PE), and thermal management systems (TMS), hypothetical University of
Illinois Urbana-Champaign (UIUC), University of Wisconsin (UW), and University
of Nottingham demonstrators are considered as a baseline for comparison.

Both UIUC and University of Nottingham have published high SP EM and PE
designs, whereas UW has only published an EM design. Thus, a hypothetical demon-
strator system for UIUC could be the UIUC motor plus the UIUC conceptual, high
SP GaN inverter at 19 kW /kg and 99% efficiency [65]. The University of Nottingham
hypothetical demonstrator includes their four MW motor [32] as well as their 16.6
kW /kg, Si-based power electronics [12]. A hypothetical UW demonstrator might be
the UW motor plus the 19 kW /kg, 99% efficient GE Silicon Carbide inverter [65].
Lastly, the UW and University of Nottingham electric machines are liquid cooled,
so a TMS heat-to-mass ratio of 0.68 kW /kg, based on aircraft oil-cooling systems, is
used to estimate the mass of these liquid cooling systems.

Table 4.7 shows a comparison of these hypothetical demonstrators. Since the
specific powers of the other university electric machines are comparable to (or in
some instances greater than) that of the thesis electric machine, the thesis overall
demonstrator performance is predicted to be greater due to the comparably low power

electronics and TMS mass and losses.
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Table 4.7: Summary of thesis demonstrator performance versus other predicted,
megawatt-class motor drive systems.

Thesis PDR 1 MW Design 12.8 kW /kg
UIUC 1 MW motor drive 7.5 kW /kg
UW + 19 kW /kg SiC 1 MW motor drive 7.2 kW /kg
University of Nottingham 4 MW motor drive | 6.6 kW /kg

4.6 Summary of Results

An outer rotor, tooth-and-slot Halbach array concept design for a technical demon-
stration was created in this chapter. The objective of this demonstrator is to achieve
predicted specific power and efficiencies, discussed in Chapter 5, at one megawatt of
rated power. Three measures of conservatism were assumed on the electric machine
side to mitigate risk. Specifically, the empirically-estimated core losses are doubled,
the winding hotspot temperature is limited to 20°C below the insulation rating, and
the flux densities throughout the stator are limited to 2.1 T or below. The electric
machine is predicted to achieve a specific power of 18.4 kW /kg and efficiency of 97.8%.

The overall demonstrator system specific power was optimized via a novel co-
optimization process that considers all subsystems (i.e., electric machine, power elec-
tronics, and thermal management system) simultaneously. From the co-optimizer
results, a 19% greater specific power electric machine may be feasible at the cost of a
28% reduction to the overall demonstrator specific power.

Additional findings of this chapter include:

o a 18.4 kW/kg, tooth-and-slot Halbach array machine is feasible based on 2D
electromagnetic finite element analysis, structural analysis, and thermal analy-

sis,

o the permanent magnet eddy current losses in the electric machine can be mod-

ified by input design parameters,

e a higher order Halbach array can substantially reduce the torque ripple of a

tooth-and-slot permanent magnet machine,
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« air-cooling the end turns of the electric machine is critical for obtaining a high

demonstrator specific power,
« rectangular litz bundles of US AWG 24 are state-of-the-art, and

o slot copper fill factors of approximately 50% are obtainable for high SP ma-

chines.

The electric machine design from Section 4.5.2 forms the basis for a detailed design

phase which is the subject of Chapter 5.
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Chapter 5

Detailed Design of Megawatt

Demonstrator

In Chapter 4, a demonstrator design point was identified via a co-optimization ap-
proach for the electric machine, power electronics, and thermal management system.
An initial 2D finite element analysis was performed to check magnetic flux density
levels throughout the machine as well as torque and torque ripple. This chapter

focuses on the detailed design of the electric machine.

First, an overview of the demonstrator subsystems is given in Section 5.1. A
summary of the overall demonstrator, electric machine, power electronics, and thermal
management system performance is given and compared against similar machines
in development. Next, the key risks in the design and risk mitigation steps are
described in Section 5.3. These risks are addressed in the detailed designs for the
windings in Section 5.4, for the rotor in Section 5.5, and for the stator in Section 5.6.
These sections include details on the manufacturing, additional analysis to support
design decisions, and bench tests where applicable. To conclude this design phase,
a preliminary controller design for the back-to-back electric machines is presented in
Section 5.8. Lastly, the key findings of this design phase are summarized in Section

5.9. This chapter addresses objective four defined in Chapter 1.
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5.1 Overview of Demonstrator Subsystems

As mentioned in Chapter 4, the technical demonstrator consists of a motor and gen-
erator connected back-to-back via a shaft. A cross-section of the back-to-back con-
figuration, provided courtesy of colleague Yuankang Chen, is shown in Fig. 5-1. The
motor and generator may have separate shafts connected at the center to a torque
meter and possibly a brake in the final design; however, only a single shaft that

connects the two machines is shown in Fig. 5-1.

Motor Generator

Figure 5-1: Full demonstrator layout provided courtesy of Yuankang Chen.

The layout for a single motor or generator is shown in Fig. 5-2. Each electric
machine is mounted on its respective heat sink and is surrounded by a support struc-
ture. Cooling air flows through the center of the machine, indicated in the green in
Fig. 5-2, turns into the the end windings, passes through the air gap, and ultimately
exhausts through openings in the support structure casing. Just outside the center
air flow passage is another cooling channel to pass air through the heat sink. This
flow mixes with the air gap flow at the end turns.

Several key parameters of the demonstrator derived in Chapter 4 are summarized
in Table 5.1 below. The following subsections will discuss each of the subsystems

(e.g., electric machine or thermal management system) in further detail.
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5.1.1

The electric machine for the demonstrator is the outer rotor, tooth-and-slot, Halbach
array design shown in Fig. 5-3. The layout of the individual components is found in
Fig. 5-3a. Litz bundles are used in the slots and a titanium retaining sleeve is used

to support the permanent magnets. Rectangular copper blocks are shown in place of

Winding
End Turns

Heat Sink Bearings

Rotor

Support Structure

Figure 5-2: Single electric machine setup for the demonstrator.

Table 5.1: Summary of MIT demonstrator predicted performance.

Demonstrator SP (kW /kg) 12.8
Angular Speed (rpm) 12,500
Shear Stress (kPa, psi) 34.9, 5.0
Slot Current Density (Apk/mm?) | 13.3
Number of Pole Pairs (-) 10
Electrical Frequency (Hz) 2083.3
Switching Frequency (kHz) 80
Ripple Frequency (kHz) 160

Electric Machine

the litz bundles in Fig. 5-3.
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Halbach
Array
Magnets

N
Tooth-and-Slot
Stator

S

Titanium
Retaining
Sleeve

Conductors

(a) Cross sectional area of the electric
machine shows the outer rotor topology
and tooth-and-slot stator.

(b) Isolateral view of the electric machine
for PDR.

Figure 5-3: Electric machine layout for demonstrator.

5.1.2 Power Electronics

As mentioned in Chapter 4, the power electronics boards are single-phase, full-bridge
converters. An overview of the proposed converters for the demonstrator, as designed
by colleague Mohammad Qasim, is provided in Table. 5.2 [29]. The specific power
of the total power electronics boards is predicted to be 37.9 kW /kg based on mass
buildup models as well as prototypes [29].

Table 5.2: Summary of the power electronics predicted performance and parameters
for the demonstrator.

Parameter Value
Average switching frequency [kHz| 80
DC Bus Voltage[V] 720
SiC MOSFET voltage rating [V] | 1200
Specific power[kW /kg] 37.9
Efficiency [-] 98.3%
Total weight [kg] 25.95

Thermal Management System

The winding and magnet hotspot temperatures are estimated at 177°C and 76°C

which are below the material temperature limits. The thermal management system
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performance and design parameters are summarized in Table 5.3. The power electron-
ics heat sink mass is estimated using the heat-to-mass ratio of the electric machine
heat sink. The compressor input power is estimated assuming an isentropic efficiency

of 90%.

Table 5.3: Summary of thermal management predicted performance and parameters.

Thermal Management System Parameter | Value
Electric Machine Heat Sink Mass [kg] 6.21
Power Electronics Heat Sink Mass [kg] 9.61
Compressor Input Power [kW] 21.5
Winding Hotspot Temperature [°C] 177
Magnet Hotspot Temperature [°C] 76
Air Gap Mass Flow [kg/s] 0.285
Heat Sink Mass Flow [kg/s] 0.774
Rear End Turn Mass Flow [kg/s] 0.285
Total Mass Flow [kg/s] 1.344
Flow Margin -] 0.3

5.1.3 Summary of Demonstrator Predicted Performance

A summary of the demonstrator and subsystem predicted performances and a com-
parison with those from public literature is given in Table 5.4. Overall, the concept
design in this thesis is predicted to have the greatest overall system specific power at
11 kW /kg. Of the air-cooled designs, the electric machine design in this thesis is also
predicted to have the greatest specific power.

With the power electronics, thermal management system, and demonstrator pre-
dicted performances summarized, the rest of the chapter will focus on the details of

the electric machine design.
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Table 5.4: Thesis motor drive is projected to have greatest overall system SP due to
integration and co-optimization.

Thesis UIUC (Air | University University
Concept cooled) of Wisconsin of
Design (Liquid Nottingham
(Air Cooled) (Liquid
cooled) Cooled)
Power Level 1 1 1 4
[MW]
Demonstrator 11.0 7.2 7.5 6.6
Specific Power
(kW /kg]
Demonstrator 92.5 95.4 96.2 96.8
Efficiency [%]
EM Specific 19.7 13.0 23.7 17.3
Power
(kW /kg]
EM Efficiency 97.8 96.0 97.2 98.3
[7e]
EM Shear 35, 5.0 51, 7.4 23, 3.3 104, 15
Stress [kPa,
psi]
PE Specific 38.5 19.0 19.0 20.8
Power
(kW /kg]
PE Efficiency 98.2 99.0 99.0 98.5
(7]
TMS Mass 17.1 - - -
[kg]
TMS Power 21.8 - - -
Requirement
(kW]

5.2 Electric Machine Design Details

This section details different aspects of the electric machine such as its mass, losses,
and performance parameters. The details of the electric machine implementation are

discussed in subsequent sections.

Electromagnetic analysis is used to confirm that the electric machine meets the

demonstrator torque and power requirements. In addition, the EM circuit parameters
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that are required for the PE design and the EM loss estimates are required for the
thermal analysis. These quantities are estimated analytically and, when possible, in

2D or 3D electromagnetic FEA.

5.2.1 Finite Element Analysis Setup

The electric machine performance is simulated in the JMAG® FEA software [66]
assuming constant rotor speed and using a current source drive. The EM is driven

with a balanced three-phase current source composed of:
1. an excitation current at fundamental frequency (103.96 Apk, 2083 Hz), and

2. the PE ripple current due to pulse width modulation, which is approximated
as a sinusoid with twice the inverter device switching frequency (2.86 Apk, 160

kHz).

For example, the total current for Phase A, I, (¢), which contains both the funda-

mental and PWM ripple currents, is

I, (t) = Ityna sin (27 fet) + Lowm sin (27 fripplet) (5.1)

where Iqnq is the magnitude of the fundamental current, I,y is the magnitude of
the ripple current, f. is the fundamental frequency, and fyipple is the ripple frequency
(i.e., twice the switching frequency). The ripple current magnitude is estimated using
an analytic model reported in Ref. [28]. The three-phase circuit setup is shown in
Fig. 5-4. Although it does not change the FEA results, the full bridge circuits in the

real machine will not have the common neutral shown in Fig. 5-4.
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Figure 5-4: FEA circuit setup.

5.2.2 Torque and Torque Ripple

The torque and torque ripple were simulated in Chapter 4 and the results for the
final design have not changed. Rotating at a constant 12,500 rpm and excited with
the balanced three phase current source at fundamental frequency only, the simulated
electric machine meets the average torque requirement of 763 Nm to output one MW
of power. In addition, the peak-to-peak torque has a small ripple of 0.7% due to the

use of a four block Halbach array. This design is not skewed.

5.2.3 Circuit Parameters

The primary circuit parameters required from the EM for the PE analysis are the
open circuit voltage, terminal voltage, and inductance.

Open Circuit and Terminal Voltage

The open circuit and terminal voltage extracted from FEA are shown in Fig. 5-5. The
terminal voltage is due to fundamental frequency excitation only. The peak terminal

voltage is 692 V which is below the 800 V device limit.
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Figure 5-5: Open-circuit and terminal voltage.

Self Inductance

To estimate the self inductance, first a single phase is excited with a DC current
equal to the peak rated current of the machine. The flux linkage for that phase is
then extracted from the simulation, and the self inductance is Lgos = Ao /I,. In FEA,
the phase winding is assumed to be continuous through all twenty poles. However,
for the design, ten circuit boards will be used to drive the electric machine. Therefore
the FEA flux linkage must be divided by ten. For this stator, the flux linkage for
phase A is 0.01506Wb and the DC current is 103.96 A. Therefore, the self inductance
is found to be Lgys = 144.9uH.

Mutual Inductance

The mutual inductance is found by exciting one phase, measuring the flux linkage
for another phase, and computing Lyutual = Ap/la. For this stator, the flux linkage
for phase A is —0.00905Wb and the DC current is 103.96A. Therefore, the mutual
inductance is found to be Lyyua = —8.TuH.
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5.2.4 Peak Magnetic Flux Density

Magnetic flux density saturation in the stator steel generates higher order harmonics
and hence additional losses. Thus, to avoid pushing the steel too far into saturation,
the magnetic flux density throughout the machine is limited to approximately 2.2
T maximum, or close to the knee of the FeCoV alloy B-H curve. To confirm that
the design satisfies this condition, the B-field versus time was extracted in FEA from
three locations where the steel is observed to be most saturated. As shown in Fig.
5-6, point one is at the base of the stator, point two is in the tooth tip, and point

three is in the stator back iron.

Magnetic Flux Density

Contour Plot : T
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22800
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2.0400
1.8200
1.8000
1.6800

15600
1.4400
1.3200
1.2000
1.0800
0.9600
0.8400
0.7200
0.6000
0.4800
0.3600
0.2400
0.1200
0.0000

Maximum: 2.2943

Minimum: 00236

Figure 5-6: Three high flux density points were probed to verify that the stator is
not over-saturated.

During steady state operation, the flux density peaks at 2.18 T in the bottom of
the tooth. Although this is past the knee of the B-H curve as shown in Fig. 5-7, the
relative permeability at this point is 400. This was verified to not be an issue for the

design via FEA since this saturation is just localized to the base of the tooth and
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corner of the tooth tip. The remainder of the machine is below the knee of the curve.
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Figure 5-7: Peak B-field in stator is around 2.18 T.

5.2.5 Electric Machine Mass

The titanium turbomachine rim, the electric machine stator, permanent magnets,
windings, and heat sink each contribute to the total mass of the machine. A break-
down of their contributions to the total mass is provided in Fig. 5-8.

The mass is distributed relatively evenly among the EM components, so simply
substituting a lighter material alone is unlikely to provide a large specific power ben-
efit. The material would need to provide additional benefits to mass density such as
higher thermal conductivity or greater remanent flux density. For example, although
NdFeB magnets increase remanent flux density and have a lower mass density than

samarium cobalt, they are not worth using due to their lower maximum operating

temperature.

188



18 +

16 -

Component Mass [kg]

Figure 5-8: Breakdown of the electric machine mass.

5.2.6 Electric Machine Losses

FEA loss values are preferred to be used in thermal analysis when available because
some effects (e.g., permanent magnet segmentation) were not captured analytically.
Table 5.5 summarizes the loss components estimated analytically and in FEA. The
core loss uses a safety factor of two (i.e., is doubled) as a measure of conservatism.
Both the high frequency (HF) and fundamental eddy current and proximity effect
losses used in the thermal analysis are greater than those in analytic and FEA to
also be conservative. These loss values (1646 and 535 Watts, respectively) assume
the eddy current and proximity effects are present in the end turns, which would not
be true in practice since the magnetic fields rapidly decay beyond the axial end of

the machine as found in Section 5.7.3.

For the PDR design, the core and Ohmic losses comprise the majority of the EM
losses at 38% and 27%, respectively, as shown in Fig. 5-9. Although the permanent
magnet losses are just 8% of the total after segmentation, they required careful at-

tention because they are local to the magnet. These losses will increase the magnet
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Table 5.5: Summary of electric machine losses.

Loss Component Analytic FEA Thermal
Analysis
Fundamental Ohmic 6342 - 6342
Losses [W]
Eddy Current and 381 407 235
Proximity Effect
Losses due to
Fundamental [W]
Core Losses due to 2 x 4410 = 8820 | 2 x 3630 = 7260 8820
Fundamental [W]
Inner Windage [W] 1955 - 1955
Outer Windage [W] 2382 - -
Permanent Magnet 3450 1835 1835
(W]
High Frequency Eddy 1172 1135 1646
Current and
Proximity Effect
Losses [W]
High Frequency Core 282 - 282
Losses [W]

hotspot temperature and therefore increase the risk of demagnetization. The high
frequency and windage represent a small, but not negligible, fraction of the total loss.
The outer rotor windage losses exceed those in the airgap due to the strong depen-

dence of windage loss on radius as well as the relatively large air gap for this electric

machine design.

The following sections will discuss further details of the rotor, stator, and windings

including their implementation and manufacturing.
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Figure 5-9: Breakdown of the electric machine loss.

5.2.7 Electric Machine Geometry

The geometry and dimensions of the electric machine used in the analysis of this

chapter are shown in Fig. 5-10.
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@300 mm

(a) Cross-sectional area of electric ma-

chine. (b) Isolateral view of electric machine.

(c) Closeup of electric machine pole.

Figure 5-10: Dimensions of the electric machine geometry.

5.3 Risk Reduction

Various risks are identified for the demonstrator as a first of its kind machine. The

risks are described at a high level here and are discussed in more detail throughout

the rest of the chapter.
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5.3.1 Winding Insulation

The insulation could break down between the litz bundles or the ground wall. There-
fore, the insulation system is designed with a large safety margin between the dielectric
strength and rated machine voltage. This insulation system is used in mockups of

the final machine to confirm its feasibility.

5.3.2 Winding Pattern

The conceptual winding pattern assumed for the design may not be achievable in
practice. To test this, a stator mockup was 3D printed and the actual windings for
the final design were wound in the mockup by the vendor. There is an additional risk
that the leads cannot be passed through the casing and seals of the final demonstrator

while preventing cooling air leakage. This will be tested with additional mockups.

5.3.3 Permanent Magnet Loss

If the permanent magnet losses are too high, both the airgap cooling air and the
magnet temperature will increase beyond current estimates. While the magnets can
operate up to 350°C, there is an increased risk of demagnetization at higher temper-
atures. In addition, the hotter cooling flow could make it more challenging to cool
the stator windings which are already designed around the 180°C limit.

To reduce this risk, the permanent magnet losses are simulated in 3D finite element
analysis. In addition, the permanent magnets are axially segmented to reduce the
eddy current loss. Lastly, 3D FEA is used to evaluate whether or not the magnets

demagnetize under rated operating conditions.

5.3.4 Stator Lamination Insulation

A common technique for insulating FeCoV laminations is oxide coating. However,
the thickness of the oxide layer is unknown prior to application which could result

in a poor stacking factor and hence increased core loss. Therefore, alternate stator
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insulations were considered and ultimately an industry standard process called C5
coating was selected for the demonstrator.

An unknown with the C5 coating is if the thin, 4 mil stator laminations can be
used on the roller systems that apply the coating. Therefore, several laminations will

be sent to the C5 coating vendor for test runs prior to coating the entire stack.

5.3.5 Core Loss

The stator core serves as the primary thermal conduction path for heat generated
from both the stator core and the copper windings. As the core generates more
heat, the winding temperature increases as well. FExcessive winding temperature
may deteriorate their insulation, resulting in short circuits and failure of the electric
machine.

If the core losses are estimated incorrectly, the electric machine will have a lower
efficiency than predicted at best. At worst, the excessive winding temperatures may
deteriorate their insulation, resulting in short circuits and failure of the electric ma-
chine.

The factor of two deviation may be due to mechanical stress applied to the mag-
netic steel during manufacturing and operation. Figure 10 shows that the core losses
for Hiperco-50 deviate by as much as 20% due to the tensile stress applied to the
steel. To limit core losses, the exact fabrication of the demonstrator and the stresses
applied to the stator will be analyzed. Manufacturing techniques such as laser cutting

will be used to minimize stress.

5.3.6 Annealing

Impurities in the annealing furnace can contaminate the stator laminations and ob-
struct the etching process. In addition, there is a risk that the thin, 4 mil laminations
can stick together during the annealing. A trial run will be initially conducted with
a smaller test batch. If unsuccessful, the annealing protocols will need to be modified

for a successful anneal.
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5.3.7 Spin Pit Test

The magnetized permanent magnets could come loose during electric machine opera-
tion. Alternatively, the titanium rim could fail due to excessive hoop stress. Therefore
a spin pit test, in which just the rotor will be spun to rated rotational speed, will be

conducted prior to integration with the stator and ultimately demonstrator.

5.4 Winding Design Details

The windings were the first components of the electric machine whose design was

finalized. In this section, the following aspects of the winding design are detailed:

—_

. the winding and slot layout,

2. the winding pattern to achieve ten turns,

3. a stator mockup bench test,

4. the end turn geometry, and

5. eddy current and proximity effect estimation via finite element analysis.

Items one and two cover the design and implementation of the windings and slot.

Items three through five are used to mitigate the risk associated with the windings.

5.4.1 Slot Layout

As discussed in Chapter 4, rectangular, copper litz bundles consisting of two layers
of US AWG 24 (0.511 mm diameter) strands will be used for the conductors in the
electric machine. These bundles are manufactured by New England Wire Technologies
(NEWT) in Lisbon, New Hampshire, and are referred to as Type 8 Litz bundles [67].

The slot design is similar to that of Chapter 4. Conceptually, the rectangular Litz
bundle will stack on top of itself as it is wound through the stator, as shown in Fig.
5-11. The ten rectangular sections represent the ten turns of the machine. Each Litz

bundle has 19 strands of AWG 24 copper strands that are transposed throughout the
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slot. Between each turn is a 7 mil slot separator. In addition, the perimeter of the
slot is lined with a 7 mil Nomex 410 slot liner to insulate the bundles from the stator.
Both the space between the litz strands as well as the top of the slot will be potted

to improve thermal heat transfer from the windings to the airgap and heat sink.

7 mil Nomex

All red space
410 slot liner

will be potting

7 mil slot
separators
between bundles

1 turn with 19
strands

Figure 5-11: A cross-sectional area of a single stator slot shows how the 10 turns of
the rectangular litz bundle stack on top of each other.

5.4.2 Winding Pattern

A unique winding pattern is used for this stator design due to the fact that one
inverter per phase per pole pair, or thirty full bridge inverters will be used for the
final electric machine. In Fig. 5-12, an overhead view of seven of the stator slots
is used to show the winding pattern for a single phase. In this configuration, the
winding wraps five times around three slots, which corresponds to one pole of a pole
pair, before switching directions and wrapping five times around the next three slots.
This winding therefore links the magnetic flux density from the pole pair ten times.
Figure 5-13 shows in dashed lines how the turns from the second and tenth in-
verters will appear in slots seven and one, respectively. Therefore, each slot will have
ten turns total although in certain slots these will be split between two inverters.

Lastly, the winding pattern for the three phases of one inverter is shown in Fig.
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Slot number

1 2 3 4 ) 6 7

Top-down view of the stator

O\/

V\\\ h
Connects to ~ Connects to
inverter 1 inverter 1
phase leg phase leg

Figure 5-12: Winding pattern for a single phase of one inverter.

5-14.
To confirm the viability of this winding pattern, two mockups of different design
iterations of the electric machine were created and are discussed in the next subsec-

tion.
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Slot number

1 2 3 4 5! 6 7

NS

Top-down view of the stator

\/7

‘\ i
Connects to Connects to Connects to
inverter 1 inverter 1 inverter 2
phase leg phase leg phase leg

Figure 5-13: Two of the slots will contain five turns from the second and tenth
inverters as well.

Slot number
5 6 7 8 9
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w
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Inv. 1 Inv. 1 Inv. 1 Inv. 1 Inv. 1 Inv. 1
Phase A Phase C Phase B Phase A Phase C Phase B

Figure 5-14: Winding pattern with all three phases of one inverter.
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5.4.3 Stator Mockup

A 3D printed mockup was made of two of the stator design iterations to test the fea-
sibility of the rectangular litz bundles and proposed winding pattern. The objectives
of the 3D printed mockup tests were three-fold:

1. test if the conceptual winding pattern for the stator was feasible,

2. test if the rectangular litz bundles could be wound through the slots without
losing stability, and

3. determine the 3D end turn geometry for thermal analysis.

The slot section also included the Nomex slot liner and slot separators to closely
resemble the final stator build. A 3D printed stator was created for this mockup
test as shown in Fig. 5-15. At the beginning of this test, the CO1 design had just
been conceptualized. Therefore, the windings were tested on a printed CO1 stator
which featured closed slots. However, this test is repeated for the PDR stator, which
now has open slots through which the bundles could possibly be slid through during
winding.

The 3D printed mockup test was a success. The winding pattern was achieved for
eight slots which is slightly larger than a pole. The bundles maintained their shape.
In addition, the end turns, shown in Fig. 5-16a, achieved the desired circular shape.

The 3D printed mockup test was repeated for the final PDR stator to verify the
correct dimensions and to check the end turn geometry. Figure 5-17 shows different
views of the mockup. For unknown reasons, the slot height in the mockup was shorter
than that of the PDR design. Despite the reduced room for the bundles, the mockup

was still successfully wound.
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Figure 5-15: 3D printed stator is used for the mockup test. Figure provided courtesy
of Mr. Marc Amato of Innova logic.

(b) COL1 stator with formed end turns.

(a) Circular end turns from mockup test.

Figure 5-16: Photos of 3D-printed CO1 mockup provided courtesy of Mr. Marc
Amato of Innova Logic.
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(b) PDR mockup endturns.

(a)

(c) PDR mockup jumpers.

Figure 5-17: PDR mockup photos provided courtesy of Mr. Marc Amato.
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5.4.4 End Winding Geometry

Two measurements were made on the end turns to check against the analytic as-
sumptions from Chapter 4. The first measurement, the axial extrusion, shown in Fig.
5-18a, was 24 mm. The diameter of the circular part of the turn, shown in Fig. 5-18b,

was found to be 39 mm. These values were used for the end turn air cooling design.
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Measurement 1
«—>

Measurement 2

(a) First measurement for end turn ge-
ometry. (b) Second measurement for end turn ge-

ometry is the distance between where the
turn enters and exits the slot.

Figure 5-18: Two measurements were made on the end turn geometry.

5.4.5 Winding Loss

Due to the relatively large litz strand size compared to the skin depth from the high
frequency power electronics current, a model based on 2D finite element analysis
data from different designs was used in the co-optimizer in Chapter 4 to estimate
eddy current and proximity effect losses in the litz strands. In addition, the model
for the eddy current and proximity effect losses due to the fundamental assumed a
particular flux density pattern throughout the slot that might not hold in practice.
The losses for the PDR design iteration were found to be acceptable with regards to
not forcing the winding hotspot temperature beyond its material limit. However, it
was not clear that this model could be extrapolated to this particular demonstrator

design. In this section, 2D finite element analysis is used to check these losses for the

demonstrator design.

203



Fundamental Ohmic Loss

As shown in Section 5.2.6, the Ohmic loss due to the excitation current at funda-
mental frequency is the second largest component of the EM loss. This is calculated

analytically via a simple I2 R formulation. Although previously a slot copper fill

factor was used in lieu of the detailed Litz geometry, the Litz bundles are now known
and the Ohmic loss for the PDR EM design takes into account the bundle geometry

explicitly.

Litz Eddy Current and Proximity Effect Loss

The losses in the Litz wire due to proximity and eddy current effects are first estimated
analytically and then simulated in 2D finite element analysis. These losses occur due
to both the fundamental and high frequency ripple currents. The cross sectional area
of the pole, including the Litz bundles for 2D FEA, is shown in Fig. 5-19. Since
the maximum allowable hotspot temperature of the windings is 180°C, the conductor
resistivity is adjusted for 180°C.

The estimates between the physics based models and the 2D FEA, shown in Table
5.6, match to within 7%. The discrepancy for the fundamental losses can be explained
by the fringing magnetic fields at the top of the slot.

Table 5.6: The analytic and FEA Litz loss estimates match to within 7%, with the
total differing by just 0.7%.

Excitation Waveform | Analytic Loss | 2D FEA Loss Percent
[W] (W] Difference
Fundamental 381 407 6.8
PWM Ripple 1172 1135 3.2
Total (Fundamental 1553 1542 0.71
+ PWM)

The difference between the analytic and 2D losses due to the fundamental due to

fringing fields at the top of the slot. These fringe fields are visible at the top of the

slot in the flux line plot in Fig. 5-20a.

For the slot geometry shown in Fig. 5-21, the flux density at the slot opening is
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Figure 5-19: A 2D FEA is used to provide an additional estimate of the eddy current
and proximity effect losses in the Litz bundles.

NI
Bso = Ho— (52)
Wq

Within the bundle regions, the flux density is

Brundie = fto (];ZI) (%) (5.3)

S

A comparison of the B-fields between the analytic and FEA values was created
by probing different locations within the slot as shown in Fig. 5-22.

Table 5.7 shows the comparison between the analytic and 2D FEA B-field values.
Therefore the difference in loss is due to the 13-25% difference in the B-field towards
the top of the slot. To reduce this fringe field, the slot opening can be adjusted but
this also changes the permanent magnet losses. In addition, the tooth tip height

and its taper to the body of the slot can be adjusted, but this impacts either (1) the
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(a) Fields fringe above and below smaller
slot openings, increasing loss at top of (b) Fields pass more horizontally across
bundle. slot when opened, but increase PM loss.

Figure 5-20: Fringe fields at the slot opening lead to the difference between the
analytic and finite element analysis loss estimates.

available space for the bundles, (2) the rotor back iron thickness, or (3) the rotor inner
diameter. The results shown here are for the final slot after a parameter variation

study on the tooth tip design.
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Figure 5-21: Slot geometry and variable definitions.
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Figure 5-22: B-field probed in 2D FEA at 12 different locations for comparison with
the analytic model.
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Table 5.7: The analytic and FEA B-field values diverge towards the top of the slot
due to fringe fields.

Point Analytic [T] 2D FEA [T Percent

Difference
12 0.515 0.402 24.8%
11 0.216 0.303 33.2%
10 0.195 0.223 13.3%
9 0.173 0.181 4.3%
8 0.152 0.153 1.3%
7 0.130 0.130 0.4%
6 0.108 0.108 0.2%
5 0.087 0.087 0.1%
4 0.065 0.065 0.1%
3 0.043 0.043 0.3%
2 0.022 0.022 0.2%
1 0 0 0%
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5.5 Rotor Design Details

Once the winding design was finalized, both the rotor and stator designs proceeded
in parallel. The high temperature samarium cobalt permanent magnets discussed
in Chapter 4 are used in the final demonstrator. These magnets are expected to
have a hotspot temperature of 76°C, so usually the 100°C performance is assumed in
analysis as the closest available data. However, in anticipation that the eddy current
losses could be greater, the performance at temperatures such as 200°C were also
considered in the demagnetization analysis. The B-H and polarization, J, curves for

100°C, 150°C, and 200°C are shown in Fig. 5-23.

1571

B T
S,

051 | [

— — — N
1IHFC B
150FC ]
15FC B
— — —HHFC ]
HHrC B

J 1, Fhix Density,

[*olarization,

-1500 =-1000 =500 0
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Figure 5-23: The 100°C B-H curve for AMT’s RECOMA®35E is used in the electro-
magnetic analysis for the PDR EM design [5].

In this section, the following aspects of the rotor design are detailed:

1. the permanent magnet manufacturing and assembly,

2. magnetic forces and adhesive selection,
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3. permanent magnet losses and segmentation,
4. demagnetization, and

5. Ti rim loss.

[tem one describes the manufacturing and assembly process. Items two through five

are used to mitigate the risk associated with the magnets.

5.5.1 Permanent Magnet Assembly

An adhesive is used to secure the magnets to the rotor. In addition, an adhesive is
used to fill the gaps in between permanent magnets. This adhesive is non-conductive
which insulates the magnets, preventing eddy current circulation. Lastly, glass beads

are used for metering the space between magnets.

5.5.2 Magnetic Forces & Adhesive Selection

A magnet in a Halbach array may experience forces from adjacent magnets that
attempt to dislodge the magnet from the Ti rim to which it is bonded. An analysis
was conducted in 3D finite element analysis to estimate this force and compare it
against the bonding strength of the adhesive. The 3D model for the finite element
analysis is shown in Fig. 5-24. Spaces are left around the magnets in order to extract
the force from the software.

The tangential and radial forces are shown in Fig. 5-25 and Fig. 5-26, respectively.
In this simulation, the windings are excited with the rated currents to obtain an upper
bound on the force the permanent magnet might see during operation, as well as to
visualize the sensitivity to the rotor and stator alignment. The magnet numbers in
these figures correspond to those in Fig. 5-24. The peak force in either direction from
this analysis is 5 N. This force is similar even when the stator is turned off, so a
similar stress is tested during the spin pit test.

The torsional force is the tangential force in Fig. 5-25 and is considered against

the lap shear strength of the adhesive that is bonding the permanent magnets to the
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Figure 5-24: Labeled magnets for force analysis.

titanium rim. The face of the magnet flush against the rim is approximately 10 mm
by 3.1 mm. Therefore, a force of 5 N results in a shear stress of approximately 161
kPa, which is two orders of magnitude lower than the lap shear strength of typical
magnet adhesives [68]. Since the rim is made of titanium, experiments were conducted
with titanium as well to verify a sufficient safety factor in using this adhesive for the
test and final rotors. Ultimately, this will be confirmed via a spin pit test in which

the rotor is operated to design speed with the magnets attached to the rim.
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Figure 5-25: Tangential magnet force.
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Figure 5-26: Radial magnet force.

5.5.3 Permanent Magnet Losses & Segmentation

The permanent magnets have a non-zero conductivity and are therefore subject to
eddy current heating when exposed to the time-varying magnetic fields due to the
stator. An additional source of loss that was not considered in Chapter 4 is the
ripple current of the power electronics which will also generate eddy currents in the
permanent magnets.

Although the permanent magnet (PM) loss due to eddy currents is not a large

fraction of the total EM losses, the PM loss is critical because the heat generated is

212



local to the magnets and can increase their risk of demagnetization. To reduce the
PM loss, the magnets can be segmented axially similar to stator laminations [69].
The permanent magnet loss assessment is coupled with a thermal analysis to check
that the PM hotspot temperature does not significantly reduce the PM strength and
ensures the PM is not at risk of demagnetizing.

Although Arnold Magnetic Technologies has the capability to segment magnets
as thin as 0.5 mm, they recommend segmenting as little as necessary. Segmenting
the magnets further adds cost and complexity since it requires installing more mag-
nets. In addition, it introduces gaps between the magnet segments which reduces
the volume of magnet and therefore reduces torque. To determine which amount of
segmentation to use for the PDR design, a 3D FEA study was conducted in which the
PM segmentation count was varied from 1 to 64 and the PM losses were calculated.
These losses are used in the thermal analysis to estimate the PM hotspot temperature
and ensure that it does not exceed the maximum allowable. While the RECOMA®
35E magnets can technically operate as high as 350°C, the manufacturer does not
recommend designing them to operate above 200°C. The PM losses are simulated in

3D FEA considering both the fundamental excitation current and PE ripple current.

(a) Single magnet segment. ) 8 magnet segments.
(c) 32 magnet segments. (d) 64 magnet segments.

Figure 5-27: Losses are compared for different levels of axial segmentation.

Table 5.8 shows that the PM losses decrease with increasing the number of per-
manent magnet segments. In particular, there is an approximately inverse relation
with the number of magnet segments and the permanent magnet losses due to the

fundamental frequency.
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Table 5.8: The use of 64 PM segments theoretically reduces the PM eddy current
losses by a factor of 2.5.

Number of Segment Axial | Magnet Loss Magnet Loss
Magnet Segments | Length [mm] (Fundamen- (Fundamental
-] tal) [W] Plus Ripple)

(W]

1 198 3850 4527

24.8 3323 4280

16 12.4 2766 3753

32 6.2 1803 2846

64 3.1 824 1835

In order to reach the assumed 200°C hotspot temperature, the eddy currents would
need to generate 8000 W of loss. With the 64 segments, the PM loss estimate is 1800

W. Therefore, there is a safety factor of 4.4 on the loss estimate.
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Figure 5-28: 8000 W of PM loss are required to approach to worst-case magnet
hotspot temperature of 200°C.

When studying magnet segmentation, a dense mesh is required in the PMs to
capture the 3D trajectories of the eddy currents. To reduce the mesh size and compu-

tation time for large amounts of segmentation, only one segment needs to be modeled
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as shown in Fig. 5-29. Although only one segment is modeled, periodic boundary

conditions are used to calculate the losses for the entire machine.

Figure 5-29: Mesh used to simulate eddy currents in permanent magnets.

The eddy current paths in the 3D FEA results match intuition. First, the eddy
currents are generated in part from the magnetic flux density from the windings.
Since the magnets and titanium rim behave magnetically similar to air, this flux
density decays exponentially moving radially outward from the stator. Thus, the
eddy currents should be greater towards the front of the magnet and weaker towards
the back. The weaker current densities in the back of the magnet can be seen in
Fig. 5-30. Second, since the flux density is radially outward, the eddy currents will
circulate in the azimuthal and axial directions. This circulating eddy current pattern

is shown in Fig. 5-31.
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Figure 5-30: The current density decreases towards the back of the permanent magnet,
as expected.

[T

I

Figure 5-31: Circulating eddy currents as viewed from the airgap.

5.5.4 Demagnetization Study

Since the magnet hotspot temperature is estimated at 76°C, the demagnetization
curve for RECOMA® 35E at 100°C was used in FEA as the closest approximation.
This curve is shown in Fig. 5-32. In FEA, it is approximated with the straight blue
lines. The recoil permeability is 1.08. The demagnetization study was also repeated

at 200°C as a worst case analysis and the results did not change.

To compute the demagnetization analysis, the rotor is simulated in three condi-
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Figure 5-32: Demagnetization curve for Recoma 35e at 200°C.
tions for one electrical cycle each as shown in Fig. 5-33:

1. at no load to establish the baseline demagnetization for the magnets,

2. at rated conditions to determine the impact of the stator magnetic field on

demagnetization, and

3. at no load again to determine if the rated currents demagnetized the magnets.
If so, the B-H curve will now operate on a recoil line and a difference in torque

and voltage will be observed.

The FEA software outputs the demagnetization ratio throughout the magnet based
on (1)-(3) as shown in Fig. 5-34. The maximum demagnetization found is 0.2%,

which has a negligble impact on the torque and voltage of the EM.
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Figure 5-33: Excitation current used in demagnetization analysis.
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Figure 5-34: Isovalues of demagnetization ratio.
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5.5.5 Ti Rim Losses

The titanium rim is modeled in FEA as a material having resistivity 1.78 - 107°Qm
and the permeability of free space. A 3D FEA is conducted to simulate the eddy
currents in the titanium rim. The total loss in the Ti rim is estimated at 102 W. This
includes losses due to both the fundamental excitation current (i.e., 2083 Hz) as well

as the higher frequency ripple current (i.e., 160 kHz).

5.6 Stator Design Details

Iron-cobalt-vanadium (FeCoV) alloy is used for the stator in applications requiring
the highest possible saturation magnetic flux density. Since the stator features are
sized based on saturation flux density, cobalt alloy is suitable for the objective of
minimizing electric machine mass. Since eddy current losses decrease with thinner
lamination thicknesses, the thinnest available laminations of 4 mil (0.1016 mm) will

be used for the stator laminations. The FeCoV alloys under trade names Hiperco®

50A (H50A) from manufacturer Carpenter Technology® and VACOFLUX® 48 from
Vaccumschmelze® are under consideration for the stator steel since they offer the
highest induction and lowest core losses compared to any alternatives.

In this section, the following aspects of the stator design are detailed:
1. stator material processing, and
2. core loss estimate via finite element analysis.

Item one describes the manufacturing and assembly process. Item two is used to

mitigate the risk associated with the stator.

5.6.1 Stator Material Processing

Six different steps were identified for assembling the FeCoV alloy-based stator for the

demonstrator:
1. obtain the unannealed FeCoV alloy,
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2. cut the laminations,

3. anneal the FeCoV (either in sheet or lamination form),
4. insulating the laminations,

5. stack the laminations, and

6. mechanically clamping or bonding the stack.

These different steps are shown in Fig. 5-35. The annealing and cutting lamination
steps are in the same row because their order is reversible depending on cutting

technique.

~,

( Obtain Unannealed
FeCoV Alloy

N A

e
‘\ Cut Laminations J' ‘ Anneal
A J .
‘\ Insulate ‘
re h 4 \
‘ Retain ‘

Figure 5-35: Flow diagram shows the various steps for manufacturing and processing
a stator composed of FeCoV alloy.

Each of the steps above can be performed with various techniques. For example,
the laminations can be cut via stamping, laser cutting, wire electrical discharge ma-
chining (EDM), or photochemical etching. The different processing paths considered
for the demonstrator stator are summarized in Fig. 5-36 below. These options are
not exhaustive, but capture the more common methods. The following subsections

discuss the different options in more detail.

220



‘/ Obtain Unannealed )
L FeCoV Alloy

R Y T S , |
" Stamp | (Laser Cut| Wire EDM [ Anneal |
L ! | | , | Anneal |
¥ . p \ 4 - )
‘: Anneal | ‘ Photog%iﬁncally
S — w—
|’ Oxide Coat | "W]

\ )

| Bond | ‘W

Figure 5-36: Different stator manufacturing processes are possible depending on the
desired cut, insulation type, and retaining protocol.

Cutting Technique

Some common cutting techniques for stator laminations include stamping, laser cut-
ting, wire EDM, and photochemical etching. Each manufacturing technique presents
trade-offs between lead time, cost, and part tolerance. In addition, the cutting tech-
nique - stamping, laser cutting, etc. - can have varying affects on the magnetic per-
formance of the FeCo alloy due to the stress imparted on the cut-edge of the FeCoV
alloy [15]. A study from Ref. [16] showed that photocorrosion (i.e., photochemical
etching) offers better performance to other cutting techniques such as laser cutting

and stamping.

Photochemical etching was selected for the demonstrator since in theory it should
minimize the cut-edge effects to the FeCoV laminations. In addition, the laminations
can be annealed (i.e., heat treated) prior to etching, so no growth is induced in the
laminations as would be the case with a post-cut anneal. This annealing is discussed

in the next subsection.
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Annealing

The FeCoV alloy must undergo a heat treatment to achieve the desired magnetic and
mechanical properties. It is typical to heat treat after cutting out the laminations to
relieve some of the stress at the cut-edge of the laminations. However, the anneal-
ing can also be performed before producing the laminations and still result in high
magnetic performance for the photochemical etching process [16].

The annealing process grows the grains of the FeCoV alloy which improves the
magnetic performance of the alloy. However, this growth also results in a perma-
nent, 0.2% anisotropic length increase [14]. For the demonstrator design, this length
increase is unacceptable since a tight tolerance needs to be maintained between the
inner diameter of the stator and the outer diameter of the heat sink. Therefore, the
annealing is performed before the cutting process. In addition, photochemical etching
is selected due to the pre-etch anneal.

The manufacturer of Vacoflux 48 recommends the following annealing profile: the
alloy is heated up to 880°C, held for 10 hours, and then decreased back to below 200°C
at a rate of 100-200 K/h [14]. The annealing is performed in a pure dry hydrogen
atmosphere because hydrogen is a reducing agent and helps remove impurities from

the material.

Interlaminar Insulation

To prevent eddy currents from circulating between laminations and increasing core
loss, each four mil lamination needs to be electrically insulated. Three insulation

options were identified for use with the FeCoV laminations:
» oxide coating,
o (b coating, and
o photoresist.

These insulation techniques differ in their application and impact on stacking factor.

These are described briefly below.
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The oxide coating is deposited after a stress relief anneal by heat treating the
laminations in an oxidizing atmosphere from half an hour to three hours at 350°C
to 450°C [14]. No public data was found that describes the relation between these

baking parameters and the oxide coating thickness.

C5 coating is a standard industry technique for interlaminar insulation. The C5
coating is applied via a roller system. It is not conventionally used on thin laminations.
From discussions with vendors, the C5 coating is expected to be 2.5 pum thick per

lamination side.

The photoresist option was mentioned by the vendor who photochemically etched
the stator laminations. The standard photoresist that the vendor uses leaves a 40
pm layer which is unacceptable for achieving a reasonable stacking factor. However,
the vendor offers an alternative photoresist that only leaves a 5 um layer on the
lamination. This photoresist is dip coated on each sheet of material. This option
was attractive because it is necessary to etch the laminations anyway, so no extra
handling would be required. The thickness of the photoresist was measured using a

stylus profilometer as shown in Fig. 5-37.

The stacking factor of the electric machine is the ratio of the ferromagnetic mate-
rial volume, Vi.co, to the total volume of the stator stack including insulation. As the
stacking factor decreases, the available ferromagnetic material for guiding the mag-
netic flux decreases, which increases the B-fields in the stator. An increase in B-fields
will increase the total core loss. Since the peak B-field is at 2.18 T, it is desirable to
try to keep the stacking factor at 90% or greater to avoid deep saturation. If Vi guation

is the volume of the insulation, the stacking factor kg.q. is defined as

VFeCo
Footack = 5.4
fack VFeCo + ‘/insulation ( )

Figure 5-38 shows the stacking factor versus insulation thickness. The expected
stacking factors for the photoresist (i.e., SC resist) and C5 coating are between 93-

95%, which is acceptable. The oxide coating thickness is unknown.

In addition to stacking factor, another concern was whether or not the application
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Figure 5-37: A profilometer was used to measure the depth of the photoresist layer.
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Figure 5-38: Difference found in stacking factor between C5 coating and SC resist.
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of the insulation affects the performance of the Vacoflux 48. Three toroids were
created - one with each coating. These coated toroids are shown in Fig. 5-39.

It was found that all three toroids had identical magnetic performance. The last
constraint to differentiate the insulations was the maximum operating temperature.
A maximum operating temperature for the photoresist could not be identified from
datasheets or vendors. However, based on safety data sheets, it was suspected to be
between 100°C and 200°C. C5 coating and oxide coating have much greater tempera-
ture rating in the hundreds of degrees celsius. Since the winding hotspot temperature
is expected to be around 180°C, the photoresist option was eliminated.

The decision between C5 coating and oxide coating came down to the stacking
factor. Due to the lack of data on the oxide coating, the C5 coating was selected for

the demonstrator processing.
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(a) Uncoated toroid. (b) C5 coated toroid.

(c) Photoresist coated toroid.

Figure 5-39: A profilometer was used to measure the depth of the photoresist layer.

Stacking and Retention

Once the laminations have been cut, annealed, and insulated, the last step for the
demonstrator build is to stack and retain them. A custom stacking fixture was cre-
ated to stack, hold, and transport the laminations. With regards to retention, two
options under consideration are bonding the laminations, or mechanically retaining
the stack at the axial endpoints. The key consideration here is the compression from
the retaining mechanism on the lamination stack. The core loss and induction of Fe-

CoV alloy in particular is sensitive to compressive force via the magnetomechanical
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effect.

5.6.2 Core Loss Estimate Via Finite Element Analysis

The core loss is estimated using the Steinmetz equation via two approaches:
1. a hand calculation assuming the entire stator is at 2.2 T, and

2. a refined estimate in FEA that accounts for the variation in flux density as well

as the higher order harmonics.
In approach (1), the core loss per unit mass is modeled as

Pcore

= K1 fB* 4+ Ky f*B* + K3 ' B'® (5.5)

where f is the electrical frequency; B is the magnetic flux density; and K, K5, and K3
are obtained by a curve fit to measured loss data. To minimize EM mass, the stator
features are as thin as possible without over-saturating the steel. Consequently, the
flux density in most of the steel is close to 2.1 T. To be conservative, the maximum
B-field is assumed to be 2.2 T when using Eqn. 5.5. A core loss of 4410 W is
estimated with this approach. Based on anecdotal evidence, the core loss is doubled
to try to account for other effects such as rotating magnetic fields which are not
typically captured during the toroid loss measurements. Thus, the total core loss
from approach (1) is 8320 W.

In approach (2), Eqn. 5.5 is still used, but with two key differences. First, the
non-uniformity of the B-field is taken into account. Second, higher order harmonics
are included in the calculation. Therefore, the coefficients K- K3 vary with frequency.

Since the core loss data obtained from the manufacturer is limited to 4000 Hz, only
the core loss due to the fundamental frequency is estimated via these two approaches.
The high frequency core loss is estimated analytically. Figure 5-40 shows the core
loss estimate from FEA. Since the steel is not heavily saturated and the Halbach
array generates a relatively sinusoidal flux density, most of the loss is due to the

fundamental. However, the higher order harmonics do contribute to the core loss as
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well. Approach (2), with the same safety factor of two, provides a core loss estimate
of 7260 W. The greater core loss estimate of 8820 W is used to provide additional

safety margin.
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Figure 5-40: The core losses are primarily from the fundamental component.

5.7 Integrated Design Considerations

Since the electric machine, power electronics, and thermal management system are
all tightly integrated, additional analysis was conducted on the electric machine to

assist the design of other subsystems. These include

—_

. eddy current losses in the spindle, bearings, and heat sink;

2. stiffness estimates for the bearing design;

3. eddy current loss estimate in the spindle due to the pass through conductors;
4. stray fields for sensor placement; and

5. the axial force due to rotor compression during operation.

228



5.7.1 Eddy Current Losses

The permanent magnets and windings of the demonstrator may produce stray mag-
netic fields that can interact with nearby structure and sensors. In addition to the
stray fields that may exist around the rotor and stator, the long electrical leads pro-
duce magnetic fields that may interact with any structures near their routing. The
eddy currents in the structures can be problematic because they present another
source of heat. Structures such as the bearings may require low temperatures to
maintain functionality.

The objective of this eddy current loss section is to
1. evaluate the magnetic field strength of the stray fields, and

2. quantify the eddy current loss in the nearby structures. This loss will be used
in thermal analysis to verify that components are operating at an acceptable

temperature.

A combination of 2D and 3D magnetic finite element analysis is used to meet these

objectives.

Spindle Losses

Grooves were added to the spindle to route the electrical leads from the electric ma-
chine to the power electronics. Figure 5-41 shows the support structure, spindle, and
leads which pass through the groove and bend around the shoulder. In electromag-
netic FEA, a cut plane was added for 2D analysis where the leads are surrounded on
both the top and bottom by aluminum. This 2D analysis was used as a first pass to
evaluate the magnitude of the losses. If significant, a 3D analysis would be used to
obtain a higher fidelity estimate. The spindle and support structure are fabricated
from Al 7075-t6 which has a resistivity of 5.15 - 1078Q - m.

The 2D model of the spindle, superstructure, and leads is shown in Fig. 5-43. The
spindle has 30 grooves. In each groove, a pair of leads passes through which belong

to a single full bridge inverter.
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Figure 5-41: The leads pass through grooves in the spindle before routing up the
elbow towards where the power electronics will be located.

Cut plane for
2D analysis

Figure 5-42: A cut plane is created in 2D analysis where the leads are completely
surrounded by aluminum.
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Full bridge 1,

Full bridge 1,
lead 1

Insulationﬁr__

lead 2

Figure 5-43: Cross-sectional view of the spindle shows the 60 electric machine leads
that are routed through 30 slots. Each pair of leads in a slot corresponds to one full

bridge inverter.

Since each slot has the leads for a single full bridge inverter, the currents carried

on each lead in a slot travel in opposite directions. Figure 5-44 shows an assumed

direction for the currents.

The total loss in the spindle was found to be 13 mW, which is considered negligible.

Figure 5-44: Since the currents in a spindle slot correspond to one full bridge circuit,
they have opposite directions of current which cancels the external field.
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Bearing Losses

The bearings will only be on the top side of the windings. Since the spindle surrounds
both the top and bottom of the windings, an upper bound on the losses is obtained
by switching the spindle material to that of the bearings. Specifically, the material
property of the aluminum in Fig. 5-43 is changed to that of graphite. Therefore the
resistivity is changed from 5.15-107% Q-m to 6-10~* Q-m. Similar to the spindle,
the losses were found to be negligible at 1.6 mW.

Heat Sink Losses

The total heat sink losses due to stray magnetic fields is estimated at 4 mW. Due
to this low magnitude, the heat sink losses are considered negligible. The current

density isovalues due to these stray fields is shown in Fig. 5-45.
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Figure 5-45: Current density isovalues of the heatsink.

5.7.2 Stiffness Estimates for Bearing Design

When selecting the bearings, the stiffness of the electric machine due to electro-
magnetic forces must be considered amongst the stiffnesses of other demonstrator

structures such as the superstructure and shaft. To estimate this stiffness, the stator
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is offset in the x-direction, and the x-directed and y-directed forces are extracted from

finite element analysis. The bearing stiffness is estimated as

AF,
b= 5 (5.6)

An initial Omm offset is first simulated and confirmed that the net x- and y-directed

forces are zero. Next, the stator is offset Imm in the negative x direction as shown

in Fig. 5-46.

Stator offset to
left in x-direction

Figure 5-46: Stator with 1mm offset in -x direction.

The average x-directed force is 2,000 N in the direction of offset (i.e., to the left
in this case) and the average y-directed force is 26.3 N. This same simulation was
repeated for 0.5mm and it was found that the x-directed force was 1,000 N, which
showed a linear relation. The relevant stiffness constant for the bearing design is

therefore 1 kN/m.

5.7.3 Stray Fields Near Electric Machine

Stray fields are evaluated at the end of the electric machine axially and outside the

titanium rotor rim which has the permeability of air. Figure 5-47 shows the area
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where the stray fields are evaluated for a single pole section. These stray fields from
the permanent magnet and stator windings can be seen in the side view in Fig. 5-48.
To evaluate the magnitude of the stray magnetic fields, ten probes are used as
shown in Fig. 5-49a.
The B-field magnitude is found to decay exponentially, plateauing around 2 mT
at 7 mm away as shown in Fig. 5-50. Since the end turns extrude approximately 24
mm away and sensors would be placed beyond the end turns, they are not expected

to be affected by these stray fields.

Fields observed at
end of structure

Figure 5-47: Side view of electric machine along axis of rotation shows fringe fields
from magnet extend beyond machine boundary.
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Figure 5-48: Vector plot of stray fields at axial end of machine.
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(b) The probes are placed adjacent to the

(a) Ten probes each placed 1 mm apart
magnets (only one probe shown here).

from edge of machine to extract B-fields.

Figure 5-49: Axial field probe locations.
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Figure 5-50: B-field values of axial field.

5.7.4 Axial Force due to Rotor Offset

Based on structural finite element analysis, the rotor is expected to be compressed in
the axial direction up to 0.5 mm at the design speed of 12,500 rpm. This compression
is due to the end bell expanding at design speed, which compresses the rotor drum
towards the end bell. This axial rotor compression may impact the load on the bear-
ings and therefore informs the final bearing selection. A force analysis was conducted
in 3D finite element analysis to estimate the axial-directed force.

Figure 5-51 shows the initial 2mm offset of the rotor from the end of the stator.
The offset is then decreased at 0.2mm increments to capture the change in axial force
with displacement. The currents are assumed to be constant at balanced condition
such that [, = I

The change in axial-directed force versus offset is summarized in Table 5.9. Around
the 0.5mm of expected rotor compression, the force is found to be approximately 50
N. The force increases approximately linearly with offset. This magnitude of force is

not considered significant from a bearing loading point-of-view.
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Rotor initially
offset by 2 mm

zZ 44—
Figure 5-51: Rotor offset to analyze axial force.

Table 5.9: Z-directed force on the rotor versus its axial offset from the stator.

Offset [mm)| Z-Directed
Force [N]
2 193
1.8 176
1.6 164
14 150
1.2 113
1.0 100
0.8 76
0.6 52
0.4 46
0.2 31
0 0

5.8 Outer Loop Control Design

The objective of the outer loop control is to slowly ramp the motor and generator
up to design speed and design torque to produce one megawatt of power. Since the
objective is simply to reach one megawatt of power, this ramp up can occur over a
period of minutes.

The titanium rim is structurally designed for 12,500 rpm maximum with a safety
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margin that will be quantified by the spin pit test. The objective of this preliminary
controller design is to minimize the rotational speed overshoot to less than 10% of the
rated operating speed. This requirement can be adjusted pending the spin pit test
results. Similarly, the input currents to the motor and generator are limited to the
rated current of 104 A because excessively high currents could lead to the winding
hotspot temperature exceeding that of the insulation.

The outer loop control design is organized as follows: first, the system dynamics
are described in Section 5.8.1. Next, these dynamics are cast in the state-space model
formulation in Section 5.8.2. A linear quadratic-Gaussian control approach, such as
that from Ref. [70], is then implemented to control the motor and generator speeds
and torques. An overview of this approach is given in Section 5.8.3. Lastly, results of
the preliminary control design are shown in Section 5.8.5. This controller design can

be discretized for hardware implementation.

5.8.1 System Dynamics

For the demonstrator, the motor and generator are modeled as two moments of inertia
connected via a spring that represents the shaft. The system is shown in Fig. 5-52

and the associated variables are explained below.

Motor Generator

Ty war

AR

1\

Figure 5-52: Back-to-back motor generator system is modeled as two inertias con-
nected via a shaft.

o omm omm emfes o -

The shaft torque, Ty, is proportional to the angular displacement between the
motor and generator shafts via a shaft stiffness constant, Kg. If 65 and ), are the

shaft angles for the generator and rotor, respectively, then the shaft torque is
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Ts = Ks(Om —0c)

Then, for the motor:

d*0,,
I TR Ty — T,
and for the generator
d*0
Togm =Ts = To

and

3. .
TG = iktGZqG

(5.8)

(5.10)

(5.11)

Since the motor and generator have identical designs, the torque constants and

moments of inertia are assumed to be identical between the motor and generator.

Therefore Jy; = Jg and kM = k¢, Substituting Eqns. 5.7, 5.10, and 5.11 into Eqn.

5.8 and 5.9, the two differential equations describing the system are

d*0y 1 M

dtQ = j (1.5]€th — KOHM + KGQG)
d?0 1 .

dt2G = i (—1.5]@@2\4 + Koy — KGGG)

5.8.2 State-Space Model

The open-loop plant state-space representation of Eqn. 5.12 has the form

T = Agx + Bogu +w

y=Cyx + v
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where

0 1 0 0 (0 0
ke o ke 3kt 0
Ag=1] "7 ’ , Bg=1%" (5.15)
0o 0 0 1 0 0
k —k kt
40 0 3]
10 0 0
0100
Co = (5.16)
0010
00 0 1]
T
and & = [0, Wi, by, wg]T and u = [zé‘/[ , z(ﬂ . The process noise, w, and measurement

noise, v, have been included in the state space model as is customary when designing

LQG control systems.

5.8.3 Controller Design

As mentioned in the introduction of this section, a linear-quadratic-Gaussian (LQG)
approach is used for the controller design of the outer control loop [70]. The LQG con-
troller consists of a Kalman filter for state estimation and a linear-quadratic regular
(LQR) for feedback control.

In this LQG approach, the LQR feedback control is modified to use a reference

state, T.ef to implement a tracking solution [71], viz,

u= K (T — Tps) (5.17)

where 7 is the state estimate from the Kalman filter and the control gain matrix K =

—R™ !B, P. The matrix P is the solution to the control algebraic Ricatti equation
PAy+ALP+Q — PByR'BIP=0 (5.18)

where ) and R are weighting matrices that are tuned for the controller design objec-
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tives. The Kalman filter dynamics have the form

T = Aqi + Bou+ G (y —9)
§=Cat (5.19)

G=xCciv

where G is the Kalman filter gain. The error covariance matrix ¥ is solved via the

filter algebraic Ricatti equation
YAL+ A + W = SCLVICuE =0 (5.20)

where W is the process noise intensity matrix and V' is the measurement noise inten-
sity matrix.
Let zg = [z, i]T be the closed-loop system state vector. The closed-loop system

dynamics are arrived at by combining Eqns. 5.14 and 5.19:

‘i‘cl - Aclxcl + BCIU

(5.21)
Yl = Cclxcl
where
Aol 0 Bol
Ag = , Ba= (5.22)
GCOl Aol — GCOl Bol

with the control, u, defined by Eqn. 5.17. Equation 5.21 is implemented with the

fourth order Runge-Kutta method to simulate the controller design.

5.8.4 Design Parameters

The torque constant for the electric machine is the rated torque divided by the rated
current, or k; = 7.36 Nm/A. The moment of inertia for a single rotor was provided

by Yuankang Chen [27] as 0.551 kg m?.
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The shaft stiffness is estimated as

o Z o GJshaft

K
"9 L

(5.24)

where G is the modulus of rigidity, Jgpag is the shaft moment of inertia, and L is the
shaft length. It is assumed that the shaft is a 20 mm thick, one meter long hollow
shaft that has approximately the diameter of the electric machine at 200 mm. These
numbers may be adjusted once the shaft design is complete. Under this assumption,

the shaft stiffness is Ky =4 -10"Nm/rad.

The weighting matrices ) and R are set to be the identity matrices. That is,

Q =lixa, R=1Ixo (5.25)

The noise intensity matrices, V and W, are selected as

V =T, W =40000-I,4 (5.26)

The noise intensities are viewed as design parameters, and are selected to obtain
desired closed-loop system performance as opposed to optimal estimator response.

These values may require tuning once the prototype hardware is available.

The state reference, x.., is selected to gradually increase the electric machines
speed to design speed. The speed reference signals for the motor and generator have

the form

Wref = Wo (1 — e_t/T) (5.27)

and the angular orientations are obtained by integrating Eqn. 5.27:

Oref = Wo (t —T (1 — e_t/T)) (5.28)

) T
The state reference vector is then e = [fref, Wret, Oref s Wref]
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5.8.5 Controller Results

The rotational speed of the motor converges to the 12,500 rpm target as shown in Fig.
5-54 without overshoot. The closed-loop speed reaches the 12,500 rpm target after
approximately 20 seconds. Only the motor speed is shown in Fig. 5-54 because the
generator speed control performance is identical. The time constant of the tracking
signal, 7, can be adjusted depending on desirable ramp time. The controller designed
for kineta was found to control the speeds to their reference without overshoot even in
the case where the actual kipeta is twice as high or 1,000 times as low. After the shaft

and bearing designs are complete, the control design can be updated with a Kiyeta

value representative of the final design.
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Figure 5-53: The generator and motor input currents do not exceed the 104 A maxi-
mum.
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Figure 5-54: The closed loop motor and generator speed converge to the target 12,500
rpm without overshoot.

5.9 Summary of Results

In this chapter, a detailed design was conducted on the electric machine for the
demonstrator. The manufacturing and assembly processes for each component were
developed. 2D and 3D finite element analysis was used to obtain higher fidelity

estimates of losses in the electric machine. This analysis informed:

o the loss quantities to use in the detailed hotspot temperature analysis,

the selection of 64 axial permanent magnet segments,

the tooth tip geometry of the stator, and

o the design and placement of other structures in the demonstrator.

Bench tests were performed early on to mitigate risk. For example, a 3D printed

mockup was created to verify the feasibility of the conceptual winding pattern. Lastly,
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a preliminary control design via the LQG approach was completed and the rotational
speed slowly ramps up to the design speed with acceptable overshoot. The controller
can be further tuned and optimized when experimental hardware is available. After
the detailed design phase, the demonstrator is still anticipated to have a system

specific power of 11 kW /kg..
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Chapter 6

Summary and Conclusions

6.1 Summary

Turboelectric distributed propulsion (TeDP) systems may enable a reduction in the
fuel consumption of commercial aircraft. This predicted fuel consumption reduction
is due to boundary layer ingestion and distributed propulsion, both of which electrical
transmission system facilitates. However, a key challenge in realizing turboelectric
propulsion is the low specific powers of electric components available today. NASA
has established target specific powers for the electric machines and power electronics
in the years 2030 and 2035 which are necessary to realize the benefits of TeDP. The
NASA target specific power of the standalone electric machine is 13 kW /kg and 16
kW /kg for 2030 and 2035, respectively.

A novel integrated prime mover (IPM) concept is proposed in this thesis to im-
prove the overall specific power of turboelectric propulsion systems. In this concept,
an electric machine is embedded within a turbomachine to utilize the turbomachine
rim, to bleed air from the low pressure compressor for cooling purposes, and to share
support structures. The conceptual design of the integrated prime mover is the out-
come of three studies.

In the first study, covered in Chapter 2, candidate electric machine topologies for
the IPM are surveyed. Coarse electric machine models and empirical ranges for design

parameters are used at this stage. The outcome of this study is the selection of a
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single electric machine topology for a more detailed analysis. Specifically, the radial
flux, permanent magnet (PM) machine is selected for the IPM design. This electric
machine topology was selected over the axial flux PM machine, coated solid rotor
induction machines, and variable reluctance machines due to its promising predicted
performance and medium risk with respect to heat flux.

More design detail was added to the radial flux permanent magnet machine in
Chapter 3, in which various combinations of stator and rotor topologies are explored.
In addition, both liquid-cooled and air-cooled electric machines are considered. Ulti-
mately, it was found that the tooth-and-slot, Halbach array electric machine offers the
greatest predicted specific power at one megawatt. At this power level, an air-cooled
system is estimated to offer greater system specific power than a liquid-cooled one.
The system specific power includes the mass and losses of both the electric machine
and thermal management system.

In the last study at the end of Chapter 3, a conceptual IPM is designed. Specif-
ically, an existing low fan pressure ratio engine is redesigned to integrate with a
tooth-and-slot, Halbach array machine. In this conceptual design, the system specific
power including both the engine and electric machine is maximized.

The identification of a concept IPM design motivated a technical demonstrator
to further verify its feasibility. This technical demonstrator seeks to experimentally

prove four key enabling technologies:

1. aggressive air-cooling of an integrated, high specific power electric machine;

2. structural integrity and rotordynamics of the turbomachine-integrated, high

speed Halbach array rotor;

3. a low-loss tooth-and-slot stator via thin iron cobalt vanadium stator lamina-

tions; and
4. integrated, high specific power, power electronics.

The technical demonstration will be considered successful if the overall demon-

strator meets its efficiency and specific power targets at one megawatt of rated power.

248



The design and learnings of this thesis are scalable to multi-megawatt machines that
are necessary for realizing fuel reduction in turboelectric aviation.

The conceptual design of the one megawatt, tooth-and-slot Halbach array motor
is iterated upon five times in Chapter 4 before identifying a design point to carry
through to detailed design. Each design iteration incorporated additional learnings on
manufacturability and component availability. Several measures of conservatism were
assumed in the final design iteration which included doubling the manufacturer core
loss, limiting the winding hotspot temperature to 180°C (or 20°C below the insulation
rating), and constraining the maximum flux densities throughout the stator to the
knee of the B-H curve.

Once the design point was frozen, the demonstrator was carried through a de-
tailed design in Chapter 5. The electric machine is predicted to meet performance
requirements via finite element analysis simulations and bench tests. A central theme
throughout both the conceptual and detailed design phases of this electric machine
is mitigating risk. A combination of sensitivity studies via parameter variation as
well as bench tests is used throughout the design process for this purpose. The steps
for manufacturing each electric machine component are outlined, and the electric
machine manufacturing is currently in progress. This electric machine and thermal
management system is expected to achieve a specific power of 19.7 kW /kg without

the heat sink, or 16.5 kW /kg with the heat sink as shown in Fig. 6-1.

249



kW Class MW Class

251

Bl '4.
'.’ I. .’
.. ‘
H ; '-_DCIIlOI’lStl"dtOl‘
20t ; v Targets
. Thesis Design_% | E
- e :
> SN
= 15 1 i b
M . 9
g O, . = === o= » - - -
2 2030 Target of 13 kW /kg "-._ ot
o L i
& 10 !
g © E
o o] o i
5 o 8o OO o}
o |
o) e} & o é) o® i = O o
© 9950 Lo
¢ °© %% ofwo :
0 “ :
1 10 100 1000 10000

Power (kW |

Figure 6-1: The electric machine plus heat sink in this thesis is expected to achieve a
specific power of 16.5 kW /kg at one megawatt. This is shown in comparison to other
demonstrators and the electric machines surveyed from Ref. [2].

6.2 Conclusions

The major findings of the studies in this thesis include:

1. An integrated prime mover is predicted to be feasible with the materials and
technology available today. This IPM concept consists of an outer rotor, tooth-
and-slot Halbach array machine integrated with the low pressure compressor
of a re-optimized low fan pressure ratio engine. At the one megawatt output
power level, this IPM is predicted to have a system specific power of 14.8 kW /kg
which exceeds the 2030 target of 13 kW /kg.

2. An air-cooled, tooth-and-slot, Halbach array electric machine at one megawatt
rated power is predicted to achieve a specific power of 19.7 kW /kg, which exceeds
the NASA 2030 target. This electric machine is expected to have a specific
power of 16.5 kW /kg if the heat sink is included.

3. Co-optimization of the electric machine, power electronics, thermal management

system, and turbomachine rim results in a 38% greater system specific power
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than optimizing for a standalone electric machine.

4. The core loss represents high risk to the electric machine due to the uncer-
tainty in how the manufacturing process affects core loss. A 17% specific power
improvement is predicted to be feasible if the nominal datasheet losses are re-

alizable.

In addition, other conclusions drawn during this research are the following:

o With the materials and technology available today, and at the power levels
examined in this thesis, tooth-and-slot electric machines offer superior specific

power over slotless machines.

« Similarly, Halbach array rotors offer greater specific power to traditional surface

permanent magnet rotors. This is due to the elimination of the rotor back iron.

o Air-cooling is estimated to offer superior system specific power over liquid-
cooling at power levels of one megawatt or below. System specific power includes

both the electric machine and thermal management sytem.

o Air-cooling the end turns is critical for obtaining a high demonstrator specific

power.

o Rectangular litz bundles of US AWG 24 are state-of-the-art for maximizing slot

copper fill factor in rectangular slot machines.

6.3 Recommendations for Future Work

Future work for this design includes the remaining electric machine manufacturing,
the demonstrator experiments, and lastly improved modeling for future iterations of

optimization. Each area is discussed in more detail in the following subsections.
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6.3.1 Electric Machine Manufacturing

The windings for the demonstrator are already procured and have been tested in the
3D printed mockup. In addition, a test rotor (i.e., titanium rim plus the Halbach
array of magnets) has been manufactured and successfully underwent a spin pit test
in which it was spun up to design speed and beyond. The objective was to test, at
design speed, the ability of (1) the titanium rim to withstand the hoop stress, and (2)
the selected adhesive to hold the Halbach array magnets to the rim. Items (1) and (2)
were both successfully conducted at room temperature. At higher temperature, the
adhesive bond strength decreases and therefore the adhesive risks failing. The test
rotor was spun at design speed at high temperature as well and the test rotor did not
fail, but the results are still being processed. Once the results are processed and look
acceptable, the build of the final rotors can begin. The other remaining component

to be built is the electric machine stator.

Stator Manufacturing

FeCoV alloy has a relatively high magnetostriction and its performance is sensitive
to the manufacturing process. As discussed in Section 5.6.1, each step of the manu-
facturing process (e.g., annealing or bonding) impacts the induction and potentially
core losses of the FeCoV alloy. The impact of these processes on the FeCoV alloy is
measurable via toroid tests. A caveat here is that the impact on the stator lamina-
tions could differ due to the different geometry and flux densities (hence the safety
factor of two). Given the sensitivity of the winding hotspot temperature to core loss,
it is important to minimize losses as much as possible.

At the time of writing, a suitable annealing protocol is still being identified.
Toroids undergoing different protocols must be measured to select a viable annealing
protocol for the final stator laminations. Next, the C5 coating process needs to be
tested. Since the laminations are 4 mil thick, there is a risk that they could get
caught in the roller system used for C5 coating. This can be confirmed with a few

test laminations. Lastly, bonding the laminations will make the heat sink integration
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easier. However, bonding involves compressing the laminations, which can increase

core loss. This can be tested ahead of time with additional toroid tests.

6.3.2 Electric Machine Experiments

The torque, torque ripple, circuit parameters, and losses estimated from Chapter
5 should be verified with the experimental apparatus. The assumptions used in
the design and modeling of the electric machine can be revisited for any observed
differences between measured and predicted performance.

In Chapter 5, a nominal outer loop controller design was created and simulated
based on the linear-quadratic-Gaussian approach. This design needs to be tested and
tuned once the electric machine hardware is available. In addition, it needs to be
implemented in digital hardware. A Monte-carlo simulation can be used to test the

performance versus modeling uncertainties.

6.3.3 Improved Models for Co-Optimization

The co-optimization design iterations ended at the preliminary design review, at
which point a design point! was selected and frozen to serve as the basis for the
detailed design. This decision to freeze the design was necessary to move forward
with the technical demonstrator. However, additional learnings during the detailed
design phase can be incorporated into the co-optimization for future iterations on the

demonstrator.

Permanent Magnet Segmentation Model

The permanent magnet axial segmentation was not considered during co-optimization.
However, from Section 5.5.3, segmentation reduced the eddy current losses by a factor
of two for the demonstrator. If this loss reduction is captured at the co-optimization
stage, designs with smaller airgaps may be feasible that were discarded in this thesis.

This air gap decrease increases torque if all else is held constant. Also, only the eddy

LA design point refers to a combination of a rotational speed, electromagnetic shear stress, air
gap thickness, pole pair count, slot current density, and power electronics switching frequency.
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current due to the fundamental frequency was considered in the permanent magnet
loss model. However, the high frequency loss due to the power electronics ripple cur-
rent could also be added for an improved loss estimate at the optimization stage. An

axial segmentation model such as that derived in Ref. [69] might be sufficient.

Nonlinear B-H Curve Model

The Halbach array model used in Chapter 4 assumes infinitely permeable stator steel.
This simplifies the electromagnetic analysis and it is also good design practice to keep
the steel in the linear regime of the B-H curve to reduce harmonics and maximize
torque. However, as discussed in Section 4.5.2, the machines outputted from the
co-optimizer tended to have saturated teeth. A combination of parameter variation
and finite element analysis was used to address the saturation. This process might
be addressable at the co-optimizer level via implementation of more detailed tooth
geometry and a nonlinear B-H curve model. One such example of this kind of a model
is the flux tube approach in Ref. [58]. The downside to a nonlinear model is that
it increases computation time and still may not mitigate the saturation issue for all

stator geometries.
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Appendix A

Chapter Two Electric Machine
Models

This section summarizes the sizing and loss models used for the trade space analysis
in Chapter 2. These models were developed jointly with colleague Yuankang Chen
[27].

A.1 Sizing Models

A.1.1 Radial Flux Permanent Magnet Machine

The radial PM machine uses a tooth-and-slot configuration where the windings that
form the electromagnet(s) of the machine are placed in slots and wrapped around
ferromagnetic teeth. The components modeled for the radial PM machine are a
rotor back iron, magnets, stator teeth, stator windings, and a stator back iron. The
arrangement of these components is shown in Figure A-1.

The following subsections provide the theory used to determine the size of the

various PM machine geometric variables shown in Figure A-2.
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Radial Flux PM: Stator and Rotor Back Iron

To minimize leakage flux, the stator and rotor back irons are sized such that their
maximum flux density during operation is less than or equal to their saturation flux
density — a material property. The stator and rotor back iron thicknesses, and hence
mass, are minimized when their maximum flux densities are equal to their saturation
flux density, and so it is assumed that the steel is saturated throughout this analysis.

To calculate the maximum flux density in either of the back irons during operation,
first the air gap flux, ¢,g, is estimated. The total air gap flux is the product of the
air gap flux density, B,,, and the air gap surface area, A,,. Using the circumference

of the machine at the air gap (27r;),

gbag = BagAag = Bag27rrt€ (Al)

For the stator back iron, the magnetic flux in the back iron, ¢4, is the product of the

steel saturation flux density, Bsat, and the cross section area of the stator back iron,

Asbi:

(bsbi = BsatAsbi = Bsattsbg (A2)

The maximum flux through the stator back iron is equal to that from half a rotor

pole. Since there are N, poles generating the air gap flux, this is equivalent to

1 ¢,
sh = ——— A3
Psb 2N, (A.3)
Substituting Equations A.1 and A.2 into Equation A.3, the stator back iron thickness,
tsh, nondimensionalized by the tip radius, is
tsb . Bag ™

—_— A4
T Bsat Np ( )

The derivation for the rotor back iron is the same, therefore the rotor back iron

thickness, t,,, nondimensionalized by the tip radius, is
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trb . Bag ™

T Bsat Np

Radial Flux PM: Stator Teeth, Windings, and Magnets

The stator teeth shorten the air gap to improve the air gap magnetic flux density.
The tooth length is limited by geometrical constraints, tooth-tip saturation, and the
magnetomotive force drop across the tooth. Since the electric machine has an outer
rotor configuration, the stator tooth and stator back iron thicknesses must be less

than or equal to the tip radius. That is,

tsb + ttooth S Tt (A6>
or
ttooth tsb Bag m
<l—-—=1- — A7
Ty - Tt Bsat Np ( )

For poles with constant width, which keeps the radial flux passing through the tooth
in a radial machine approximately constant, tooth area is the product of its length,
tiooth, and width, w,. The nondimensional tooth width divided by pole pitch is
2
wo 1 _ 0o 1 _ 1 _ ttooth
_ ( ft th) ( Tt ) (Ag)

t
27Trt/nslots 2 t(:zth

When winding thickness, assumed equivalent to tooth thickness ti,otn approaches the

Wo

limit of infinitely thin windings, Equation A.8 reduces to S N, = 1 — fiootn- In

this limit, tooth width is simply the tooth fraction of the pole pitch. From Equation
A.8, the maximum possible value for the nondimensional winding thickness due to

the tooth width is

. 2 (1 - ftooth)

ttmaz 2— ftooth

ttooth
Tt

(A.9)

In the limits of Equation A.9, tt‘;—‘z“‘ = 1 when fiootn = 1 (no teeth), and

ttmax
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t“;—j“‘ = 0 when fiootn = 0 (no windings), which agrees with intuition. For
the t;ftgi%xal value of fiootn = 0.5, maximum winding thickness is two thirds of tip
radius.

Considering the constraints from Equation A.6 and Equation A.9, the maximum

nondimensional stator winding thickness is the minimum of the two, or

too max . Ba 00 2 1 - 00
tooth, ~ in <1 _ Dag T ftooth ( fi th)) (A.10)

)
Tt Bsat Np 2— ftooth

The spatially limited surface current density for radial flux machines, K g, is then

twin ing,max
Ks,sp - (1 - ftooth)t]mrt drg (All)
t

which notably scales linearly with tip radius.

For tooth-and-slot stators, an additional constraint on the surface current density
is saturation in the stator teeth. Although the teeth can saturate both in the tooth
tips as well as the base of the tooth, the tooth tip saturation is considered here based
on Ref. [41]. The flux density in the stator tooth tip is the vectorial sum of the radial
magnetic flux from the permanent magnets as well as the azimuthal flux generated

from the conductors in the slots [41]:

2
(2] + Gt < 22, (A12)
If the surface current density is approximated as the product of the slot current
density and tooth thickness, Ky = J,tiootn, an upper bound on the surface current
density due to saturation, K su, is derived by solving Equation A.12 with equality.

This results in

Bc (1 - ftooth) ( Bag )2
Ky gy = o Jtooth) g [ Pes A.13
st Ho ftootthat ( )

The current density is the minimum of the spatial limit and saturation limit, or

K = min (K, s, K sat) (A.14)
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The permanent magnets are sized to provide sufficient usable magnetic flux density
in the air gap, Bae. The maximum flux density strength of a permanent magnet is
also referred to as its remanent flux density, B,. However, not all of this flux goes
across the air gap. From Ampere’s law and approximating the MMF drop across the
back iron and teeth, the air gap flux density, Bagnd, Which neglects magnet-to-magnet
leakage flux, is

B, t,, K

— B, A.15
b +9 sy ’ ( )

agnd —

where ¢, is the thickness of the permanent magnet, g is the air gap thickness, i, is

the relative permeability of the stator and rotor magnetic core, and

2ttooth 2T Tgp 27 Trb

— Tt Nslots Tt Np Tt A ].6
" o(t + 1) (A-16)

Tt

represents the flux path through the magnetic core.
To capture the effect of magnet-to-magnet flux leakage due to large pole counts
or air gap, the air gap flux density can be expressed based on Ref. [72] as

8N,
Bag = Bag,nd( - p.g) . (A].?)

T2 7,

A.1.2 Axial Flux PM Machine
Axial Flux PM: Stator and Rotor Back Iron

The axial flux PM machine stator and rotor back irons are sized in a similar manner
to the radial PM machine. However, the expressions for the air gap and back iron

fluxes differ due to the geometry of the axial PM machine:

Pag = BagAag = BagT (Tf - rﬁ) (A.18)
= fosBymr? (1= x3) (A.19)
Gsb = BapAsy = Baatsp (1 — 74) (A.20)
= Baattspyri (1 — XE) (A.21)
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where 7, is the inner radius of the axial machine. The maximum flux through the

stator back iron is again equal to that from half a rotor pole, or

1 ¢ag
s = ——8 A.22
Psb = 5 N, (A.22)
The stator back iron thickness, t, nondimensionalized by the tip radius is
Tt Bsat 2Np ) '
Similarly, the rotor back iron thickness, t,, is
t, B, 1—
t _ B mll = X5) (A.24)

Tt Bsat 2Np

Axial Flux PM: Stator Teeth, Windings, and Permanent Magnets

The axial PM machine stator teeth do not have the same geometrical constraints as
those in the radial PM machine. Instead, a maximum stator tooth-to-tip radius ratio

is imposed. That is,

Ltooth < (ttooth> <A25>

Ty Ty

where (i;) is a design input. This was chosen in anticipation of the integrating
max

stage into a full architecture, where axial length will be limited.

For axial flux machines, the effective slot current density is lower than that of a
comparable radial machine as the windings in axial flux machines travel radially from
rotor hub to rotor tip, resulting in reduced winding area at the rotor hub for machines
with a constant pole pitch which is assumed here. Slot current density reflects the
difficulty in cooling the windings, so it is assumed the slot current density for the axial
machine is maximum at rotor hub and decreases toward the tip. Thus, the effective
slot current density for the axial machine is the average across the radial span of the

machine, i.e.:
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I+ xEe

5 JIm (A.26)

Jm,effective =

The spatially limited surface current density for axial lux machines is then simply

tsw,maz
KS,SP = (1 - ftooth)t]m,effectivertri <A27)
t

The stator teeth have the same tooth tip saturation limit as the radial PM machine,

or

(Bag/fs,s)2 + (,MOJm,efftwimdimg)2 S Bszat (A28)

which can be solved with equality to give the saturation surface current density of

Bsa 1— 00 Ba 2
Ky sat = ¢ (1 = fioomn) 1—<1g>. (A.29)
Ko f tootthat
The surface current density Ky = Ji, e f ftwinding iS again
K = min (K 5, K sat)- (A.30)

The permanent magnets in an axial PM machine are sized using the same relations

as those in a radial PM machine, given via Equations A.15-A.17.

A.1.3 Radial Flux Induction Machine

Similar to the radial flux PM machine, the radial flux induction machine uses a
tooth-and-slot configuration on the stator. The magnets, however, are replaced with
a layer of conductive material. The arrangement of the radial flux induction machine
components is shown in Figure A-3. The following subsections provide the theory
used to determine the size of the various induction machine geometric variables shown
in Figure A-4. The radial induction machine is based approximately on the linear

induction machine model from Ref. [73].
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Figure A-4: Cross-section of the radial flux induction machine showing its geometric
variable definitions.

Radial Flux Induction Machine: Stator and Rotor Back Iron

The radial induction machine back iron is sized the same as the radial PM machine.

That is,

tsb . Bag m

Tt Bsat Np

(A.31)

Additionally, the stator back iron radius can be expressed as a function of tip radius,

amongst other geometric variables:
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Tsp b Bag 7
Tt Tt Bsat Np

(A.32)

This radius is used in subsequent sections. Similarly, the rotor back iron thickness,
Lrbs is

trb . Bag T

Ty Bsat Np

(A.33)

and the rotor back iron radius, nondimensionalized by the tip radius, can be expressed
as
I'rb ber

14y D T
Tt (7 Bgat Np'

(A.34)

Radial Flux Induction Machine: Stator Teeth, Windings, and Rotor Con-

ductor

Similar to the radial PM machine, the radial induction machine has the same geo-
metric constraint on the stator teeth (Equation A.9). The spatially limited surface
current density, K, is obtained from Equation A.11. In addition, the induction
machine has the same tooth tip saturation constraint as the PM machine, with the

magnetic field term from the PMs replaced with one for the rotor conductor:

B 2 MOK 2
B = ( 8 ) + () A.35
‘ ftooth 1-— ftooth ( )

To compute the air gap flux density, first the magnetic field generated by the current

induced in the stator conductors is computed via

Usos
Bag = /LOK HoZs9

5735 5 (A.36)
k2g* + <U0U508>

N, . .
where the wave number, k£ = ot where N, 5 is the number of stator poles, and r; is

the rotor tip radius. The rotor surface wave speed, Uy, = s<= = —*-U,;, where U; = r,{2
k 1-s
is the mechanical tip speed and s is the machine slip.

The rotor surface conductivity, o, is expressed as
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01— for) 2

o= ——"2>-=(1—F _ (A.37

° Rs,rc ( 87T) Rs,rcwsﬂw )

where f;, is the rotor tooth fraction, R,,. is the resistivity of the rotor conductors,
0= ZRT: is the skin depth, u,. is the magnetic permeability of the rotor conductors,

and wy is the stator electrical frequency.

The induction machine rotor conductor thickness is assumed to be the skin depth,
and slip is assumed to be independent of rotor geometry. The mechanical rotational
speed (), rotor electrical frequency w,, and stator electrical frequency wy are related

by the slip s via

%Q %Q
Wy = SWy , Wy = —2 , s=1— -2 (A.38)
1—s5 Ws

The flux crossing the air gap By is calculated by considering the completed magnetic

circuit (with the MMF drop across the back iron accounted for):

0

re Ho
B, =B, 5 " —
xl + e Hsteel

Tt Tt

Bk (A.39)

where the geometric term x that represents the flux path through the magnetic iron

is

2tt,s_|_ 27 Tﬁ_'_ 2T Tur

T N, r N, T
t p,s 't p,r Tt A40
2(2 + £) ] (4.40)

Tt Tt

R =

where all of the lengths have been nondimensionalized with the tip radius ;. Further

making the definition

U.o L
o= Horsfe _m (A.41)
k292 + (MoUSO'S) rj + g

Tt

the stator tooth tip saturation constraint is

MOKSQ - LBC 2 [L()K 2
B? = ( Hor ) ( z ) A.42
¢ fs,s - 1 - fs,s ( )

Equation A.42 can be reorganized into a quadratic equation to solve for the saturation
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constraint on the stator surface current density:

RZ

2 £2

s,rd s,s

1 2
ug(( + a 2)[(52 — QMOL(XBCKS + (

— 1) B2=0 (A43
1 - fs,s)2 fs, luS,TfSQ,s ( )

which has solution for the induction machine tooth saturation limit on surface current

density

2

K a?k? 1 a? K2
BC [N’S,sz,s :i: \/H‘g,rf;l,s + ((l_fs,s)z + fs,s2> (1 ug,'rfs%s)

1 a?
G’ TR

The surface current density, K, is the minimum of the spatially limited and saturation

(A.44)

limited surface current densities.

A.1.4 Axial Flux Induction Machine
Axial Flux Induction Machine: Stator Back Iron

The axial induction machine stator back iron is sized the same as the axial PM
machine. That is,
tsy  Bagm(1—xp)

L A.45
Tt Bsat 2Np ( )

The stator back iron radius, nondimensionalized by the tip radius, can be expressed

as
Tbs Lis Bag ™ (1 - XE)
—=1+—= . A .46
Tt + Tt + Bsat 2Np ( )

Similarly for the rotor back iron thickness, t,,

trb Bag m (1 - XE)
A A .47
Tt Bsat 2Np ( )
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and the rotor back iron radius, nondimensionalized by the tip radius, is

T'rb (5 BS T (1 — XE)

— =14+ -4 =——"" A .48

Tt + Tt + BC 2Np ( )
Axial Flux Induction Machine: Stator Teeth, Windings, and Rotor Con-

ductor

Similar to the axial PM machine, the axial induction machine has a maximum stator
tooth-to-tip radius, with the spatially limited surface current density for axial flux
machines (Equation A.27) and the saturation limited surface current density is the

same as that for the radial flux induction machine, given by Equation A.44.

Lastly, the usable air gap flux density from the stator is the same as that for the

radial flux induction machine, given by Equation A.39.

A.2 Machine Mass

A.2.1 Magnetic Core

The magnetic core comprises the stator back iron, rotor back iron, stator teeth, and
rotor teeth. The rotor and stator back irons are annular cylinders with volumes V,;

and Vi, respectively. The total back iron volumes for radial flux machines are

‘/rbi = Arbi‘g
14 T tr 2 T t'r 2
= {(” + 0.5l’) - (” - o.5b) ]
Tt.E Tt Ty Tt Tt
(A.49)
‘/sbi = Asbig

6 S ts 2 S ts 2
= (” + o.5b) - (” - o.5b)
TLE Tt (7 (7 T
and for axial flux machines:
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Vivi = (7T7”752 - W(XETt)z)grbi

t,
=mrp(l— X%)Tb

t (A.50)
Vi = (112 — m(xere) ) aps

tsb
= mry(1— X2E)7t

The total volume of the stator teeth, V;, for radial flux, tooth-and-slot machines is
¢ tsi\ 2
R {1_ @m)] (A51)
r'tE Tt

and for axial flux, tooth-and-slot machines is

ts
Ve = 1rd (1 = x2) fos— (A.52)

Ty
The magnetic core mass is the product of the magnetic core mass density with the

total volume of the magnetic core:

Mcore = Pcore (‘/tsbz + V;“bi + V;t) (A53)

A.2.2 Windings

The volume of the stator windings Vj,, is the product of the total slot area A, =
N, sAwina and the sum of the slot and end winding lengths (lget + lew). For radial

flux machines, this is

V;;w = Atsw (lslot + lew)
(A.54)

Tt.E p,s

l 2 tsw
= WT?(]. - f375) [ + Nﬂ- <1 - 057}) 1 - (1 - 82,8)2]

and for axial flux machines it is
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‘/sw = Atsw <lslot + lew)

or 14 vp (A.55)

N,. 2

= 2mxpri(l — fos) [(1 — Xp) +

For the induction machine, the volume of the rotor windings V,., is

5 2
Q+g+)—@+g>
Tt Tt Tt

{
V;“'w = 7"-70?7(1 - fs,?“)

(Radial Flux Machines)
T ,E

(A.56)

J
Viw = 7rp (1 — x3) (1 — fs’r)F (Axial Flux Machines) (A.57)
t

The winding insulation is assumed massless, and the mass of the stator windings M,

is then

My = pswVswPF + preVip (Induction Machines) (A.58)
My = pswVswPF (PM Machines) (A.59)

A.2.3 Magnets

For PM machines, the magnets are mounted on the air-gap facing surface of the rotor,

with total mass M,,. For radial flux machines, this is

[
Mm = Pme = pmﬁr;?i(]' - fS,T)
TtE

<1+g—+“ﬁ2—<1+g>1 (A.60)

Tt (7

and for axial flux machines, this results in

tm
My, = piVin = ,Omﬂ'T’?(l - X?E)(l - fs,?“),{,it (A'Gl)
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A.3 Loss Model

Losses in the electric machine can be broken down into core loss due to hysteresis and
eddy currents in the core, ohmic loss due to resistance in the windings, and windage

loss produced by viscous torque on the electric machine rotor.

A.3.1 Core Loss

Core loss P, is calculated as the product of core mass M,,,. and the core loss per unit

mass P, i.e.:

PC = PcmMcore <A62)

Core loss per unit mass is a material parameter with empirically derived correlations
for electrical frequency f and magnetic flux density in the core B.,... The core loss
per unit mass functions used for the Hiperco-50A material with 0.006 inch thick

laminations were obtained from the manufacturer and fit to the following:

Po(W/kg) = ki fB* + ko f?B* + ks f' .5B'.5 (A.63)

The core is assumed to be fully saturated (B = Bsay), and the core loss per unit mass

is then interpolated from Equation A.63 to the electrical frequency of the machine.

A.3.2 Ohmic Loss

Ohmic loss refers to the resistive losses in the electrically conductive elements of the

electric machine (primarily the stator windings).

Permanent Magnet Machines

For PM machines, the only source of ohmic loss is the stator windings. The ohmic

loss P, is expressed as

Vi

P, =J,> -
d JmRs,swPF

(A.64)
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where the product of slot current density .J,, squared and winding resistivity R s,
can be thought of as an ‘I2R’ loss per unit volume of the windings.
Induction Machines

In addition to the stator winding loss (Equation A.64), induction machines incur
additional loss in the rotor conductors. This additional ohmic loss is a function of

the machine mechanical power P and slip s:

S

Pd,rotor - Pl <A65)

— S

A.3.3 Windage Loss

The windage loss models for radial flux and axial flux electric machines were developed
by colleague Yuankang Chen and details are available in Ref. [27]. These models
consider the viscous torque on both the inner and outer surfaces of the rotor. For
radial flux machines, the torque on the axial-facing surface is assumed to be negligible.
Similarly, for the axial flux case, the torque on the radial-facing surfaces of the rotor

is assumed to be negligible.
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Appendix B

Chapter Three Electric Machine
Models

B.0.1 Torque Production
Tooth-and-Slot Surface Permanent Magnet and Halbach Array

The average electromagnetic shear stress in the air gap, T is related to the linear
surface current density from the windings, K, and magnetic flux density from the

permanent magnets, B, via the Maxwell stress tensor [41]:

B, K,
2

7=

(B.1)

The geometry of the tooth-and-slot electric machine with labeled parameters is

shown in Fig. B-1.

Surface Current Density A peak slot current density, J,,, and slot fraction, f,
are specified as inputs to the tooth-and-slot sizing algorithm. The total length of the

windings, tsy, is swept, and the total winding area, Ayinq, is calculated as

2
2 (2 (tew
T (rag (i (rg) Tag) )

Awind = fss (BQ)
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Figure B-1: Cross-sectional area of a tooth-and-slot SPM pole showing the labeled
geometric parameters used for the sizing and performance analysis.

where nps is the total number of slots and 7., is the air gap radius. The surface

current density is computed as if all the slot conductors were at the air gap interface:

- Jm Awindnps

K, = (B.3)

2T ag

Permanent Magnet Magnetic Flux Density The airgap magnetic flux density
from the permanent magnets is approximated using Ampere’s Law and conservation
of magnetic flux. Let Hy, Hy,, Hy, Hy1,i, and Hg,; be the magnetic field strength in the
airgap, magnet, stator teeth, rotor back iron, and stator back iron, respectively. The

line integral about the Amperian contour shown in Fig. B-2 for no-load conditions is

271'7’rbi 27rsti

+ Hg 2 = 0 (B.4)

Npr Npr

]{ H-dl = 2H,g + 2Hy by + 2H by + Hu
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where

B, = Ho (Hm + M)
By = poH,
By = p Hy

Brbi = ,urbiHrbi

~—~ o~ o~ o~
w W W w W
o oo J O Ot
~— N~ N~ N~

Bsbi = ,usbiHsbi

and B() and p) are the magnetic field density and permeability of each region,
respectively, and M = Bien/po- The radii rp,; and rg,; are the radii to the center of

the rotor back iron and stator back iron, respectively.

} Rotor Back I/non ““““““ D ., {
Rotor Magnets > i .l l T T T
Air Gap > T T Stator Windings
QO T OO 00 YT OO
Stator Teeth-—1 - OO , ,',:\, . OO N O OO . ,: NOCIN
g Stator Back Ifom----------- o EE LR E L -

Figure B-2: Ampere’s Law is used on the dashed red loop to estimate magnetic flux
density.

From substituting Eqns. B.5-B.9 into Eqn. B.4, the magnitude of the gap flux density

is solved as

_ ,UOth N @ Bsttst _ Ho 7-‘-Brbirrbi _ Ho 7-"Bsbirsbi
7 tm + g [t tm + tg Hrbi tm + g Msbi tm + g

(B.10)

The remanent flux density of the permanent magnets decreases linearly with temper-

ature and is accounted for during this sizing approach:

Brem - Brem, 20°C (]- — Oy (Trnag - 2000) /100) (Bl]')
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where Biem, 200c is the magnet remanent flux at 20°C (e.g., 1.2 T for NdFeB), Tinag

is the magnet temperature, and «,, is the temperature coefficient of the magnet.

Since the magnets produce a square wave in the air gap, the fundamental compo-

nent that interacts with the stator conductors, By, is

4
B,=-B, (B.12)

™

For our design, we assume the teeth and back iron are driven into saturation such

that B, = B = Bgy = 2.36 T, and i = psbi = fst = 38o-

From Eqns. B.3 and B.12, the electromagnetic shear stress produced by the

machine, 7 = %, is estimated. If this matches the desired shear stress of the

machine, the sizing algorithm is complete and the magnet thickness, t,,, and winding

thickness, t,, are set.

Back Iron Sizing The magnetic flux from the airgap for half of a magnet pole is

Bgap (7Taglt)
Npr

Dgap,pole . For the rotor back iron, the magnetic flux is ¢ = Bipitinil-
Assuming the back iron is sized for saturation, and that all the magnetic flux from

the magnet pole passes through it:

Bgap Mrag

tr i = B13
b Bsat npr ( )
Similarly, for the stator back iron,
B, mr
topi = —P 28 B.14
b Bsat npr ( )

Conductor Sizing [t is assumed that the generator is driving a load that can be
modeled as an ideal, three-phase current source. The peak current is calculated based

on the electric generator geometry, slot current density, and number of turns:

JmAslot
I = B.15
Nturns ( )

276



The per-phase voltage is approximated as
V =P/I/3 (B.16)

The voltage may be lower when the efficiency is accounted for. The area of a single

turn (a bundle of Litz strands) is

A o KuAslot
wire — N.
turns

(B.17)

and the radius of the turn is rype = \/m Next, the number of Litz wire
strands is calculated by assuming the smallest strand that can be used is US American
Wire Gauge (AWG) 28, which has a radius of rg, = 0.1605 mm. The corresponding
diameter, 2rg,, is used to set the slot width. A bundle packing factor of 0.91 is

assumed, and the total number of strands is thus

Awire

2
T strand

Ngtr = 0.91

(B.18)

The necessary dielectric thickness for each Litz wire strand, tg;, is sized from the

maximum electric field in a cylindrical dielectric:

tai = Tstr <e(““g‘na") - 1) (B.19)

where Fy .y is the maximum dielectric strength — a material property. For Kapton MT
100 insulation, the dielectric strength is 2.16 - 108 V/m. A safety factor of 10 is used

such that the effective dielectric strength used in our calculations is 2.16 - 107 V/m.

Tooth-and-Slot Halbach Array For the electric machine trade studies, the tooth-
and-slot Halbach array electromagnetic model is the same as the tooth-and-slot sur-
face permanent magnet model, but it is assumed that the rotor back iron is eliminated
during the turbomachinery rim sizing and mass calculation. The basis for this as-

sumption is that (1) for a fixed volume of magnets, the Halbach array will produce
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at least as much magnetic flux in the airgap as an equivalent surface PM machine
and (2) the azimuthal magnets cancel the flux on the outside of the electric machine,
eliminating the need for the rotor back iron. In this project, finite element analysis
is used to obtain a higher fidelity assessment of the output torque. A detailed 2-D

analytic model is recommended for future work.

Slotless Surface PM and Halbach Array

The slotless surface PM and Halbach array electric machine performance is estimated
using the model from Chapter 2 of Reference [17], which is not repeated here for
brevity. To summarize, this model is a two-dimensional analysis of the magnetic flux
distribution from both the radial-facing and azimuthal-facing permanent magnets.
The torque is computed through integrating the product of the radial component of
the total air gap flux density and the armature current density over the winding vol-
ume. Lastly, similar to the tooth-and-slot model, the winding thickness and magnet

thickness are varied until the desired shear stress, 7 =T/ (27r7“§g€), is produced.

B.0.2 Mass Models

The mass of the rotor back iron, my;, stator back iron, mg;, stator teeth, mg, both
the windings through the slot and end windings, Myina and Mendwing, and magnets,
Mmag, are determined from the various electric machine radii and thicknesses defined

previously as

2 2
Mybi = Pem T (Tro - Tri)

2 2
Mgbi = Plem T ((Tag - tst) - Tsi)

Mgt = PfemT (1 - fss) (ng - (rag - tst)2> B.22

Myyind = pwindnpsKquind£ B.23
Cow

Mendwind = Mwind ( / ) <B24)

Mmag = PmagT (r?i - (rag + 9)2) (B25)
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where prer is the magnetic steel mass density, pwing is the winding mass density, pmag
is the magnet mass density. For a tooth-and-slot machine, the end winding length,
ey, is approximated as triangular loops exiting the slots [17]:

b _ 21 12 05(3%) [ (/7o) (B.26)

14 Mps (/1 — (1 — fss)2

For a slotless machine, the stator teeth are eliminated via f,, = 1. In addition,

the end-turns are approximated as circular arcs:

~

ﬁzw _ 2 (Ta;;pf) (B.27)

Lastly, as a first approximation for the slotless design, the rotor and stator back iron
was sized conservatively by assuming the gap flux density and armature reaction in the
back iron sum to half the saturation flux density. It is anticipated that conducting
a detailed design would enable reduction of the back iron thickness, and hence an

increase in the slotless electric machine specific power.

B.0.3 Loss Models

Ohmic Losses

The total rms current through a slot is I = K, AgtJ,,. Similarly, the total resistance
of the windings in a slot is expressed as a function of machine specifications and

geometry as
0+ Loy

R =
P KuAslot

(B.28)

where K, is the slot fill factor. To account for the effect of temperature on winding

resistivity, the resistivity, p, is adjusted from a baseline at 20°C' via

P = P20°C (1 + a, (Twind — QOOC)) (B29)
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where paogec is the winding resistivity at 20°C, Tyinq is the winding temperature, and

o, is the temperature coefficient for the winding material.

Considering that there are nps slots, the winding losses from the fundamental,

Poum, are simplified to

2

Pohm = npSAWindg (1 + gew/g) P?m <B30)

To account for proximity and eddy current effects, the approach from [74] is used in
which the loss from the fundamental is modified by a factor F,. that is a function of Litz
wire geometry. A key assumption in this analysis is that the loss factor corresponds
to that of a conducting cylinder in a uniform magnetic field, and that the Litz wire
strand diameter is small compared to the skin depth. The AC loss factor is [74]

T2 3 N*n2w?d?

E=1 B.31
LTy (B.31)

where N is the number of Litz wire bundle turns, n is the number of Litz wire
strands, w is the electrical frequency of the current, d. is the Litz strand diameter, p

is resistivity, and b is the height of the slot.

Stator Core Losses

The stator eddy and hysteresis (core) losses per unit mass, Prope/Mcore, are estimated

using the classic Bertotti loss separation model [45]:

Pcore

mcore

= K,fB* + K.f*B* + K. f*°B"® (B.33)

=P, +P.+P. (B.32)

where P, P, and P, are hysteresis, classic eddy current, and additional current loss,

respectively, and K, K., and K, are their coefficients. For FeCoV alloy data [75],
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the core losses per unit mass in W /kg are

Pcore

mcore

= (7.3726-107°) fB*+ (1.4187-107°) f? B>+ (2.5312- 10~1) f'*B'* (B.34)

where f isin Hz and B isin T.
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Appendix C

Halbach Array Electromagnetic
Analysis

The analysis for the Halbach array torque was provided by Professor James L. Kirtley

in internal memos and is repeated here with his permission.

C.1 Approach

The general approach to analyzing the Halbach array is the following:

1. the permanent magnets are represented as either (1) fictitious ‘Chu’ surface
magnetic charge densities [53], (2) Amperican currents, or (3) a combination of

each;

2. the charge densities and Amperican currents are then represented by their

Fourier series expansions for use as boundary conditions; and
3. the B- and H-fields are solved via a 2-D boundary problem.

First, the fields are solved in Cartesian coordinates. These field solutions are then

converted to the polar coordinate system. Both solutions are reported here.
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C.2 Cartesian Coordinates

For a Halbach array with N, magnet blocks per pole, each magnet segment has
angular width Af = ~—- To express the boundary conditions, the magnet rotation
angle is clockwise from the positive x-axis shown in Fig. C-1. The angle coordinate

system is defined such that the downward facing magnet at 90° is itself when 6, = 90°.

The angle of direction of magnetization for each magnet segment, 6, where k is
the block number, varies depending on whether an even or odd number of magnet

segments per pole is used. The angle definitions as shown in Fig. C-1 come out to

0, =kAO, k=0...Npn.—1, Npceven (C.1)
b= (k+1/2)A0, k=0...Npe—1, Npeodd (C.2)

With this coordinate system defined, the magnetization of each block can be rep-
resented as a combination of Amperian currents, K, and ‘Chu’ magnetic charge, M,
[53]. In this representation, the magnetic charges are used to express the y-directed
magnetization component, whereas the Amperican currents are used to express the

x-directed components. The Amperian component is
po K, = — Brem cos (6k) (C.3)
and the ‘Chu’ Magnetic charge component is

M, = Biemsin (0y) (C.4)

Eqgns. C.3 and C.4 are used to estimate the magnitude of K, and M,. Lastly,
the Amperian currents and magnetic charges can be expressed as a sum of sinusoids
via their Fourier series expansion. Since K, and M, are odd and antisymmetric, the

Fourier series for M, is

M, = > M,sin (nkz) (C.5)

nodd
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Odd Number of Segments Per Pole

Direction of Magnetization 30° 90° 150° 210° 270° 330°

~ /\1/—%

(a) Angles for odd number of Halbach array segments.

B[S ] p—

Coordinate System Angle, 6. 0

Even Number of Segments Per Pole

Direction of Magnetization 0° 15° 920° 135° 180° 225° 270° 315°
—|IN| | z2]—=|XN|[t]| 7
Coordinate System Angle, ;. 0 3 m i o

(b) Angles for even number of Halbach array segments.

Figure C-1: Definition of segment angles with odd number of Halbach array segments
(top) versus even number of Halbach array segments (bottom).

where

9 r3m/4
M, == / . Mosin (nkr)d (k) (C.6)
/4
4 . T\ . s
= —sin <n2) sin (n4> (C.7)
and the Fourier series for K, is
K. =Y K,cos(nkz) (C.8)
nodd
where
w/4
K, = —/ ) — My cos (nkx) d (kz) (C.9)
/4
T
__* 1
— sin ( 4) (C.10)

The 2-D magnetic field is solved using the magnetic scalar potential approach.

In this approach, scalar potentials, v;, are defined in each region i of the machine.
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These scalar potentials satisfy Laplace’s equation, V%; = 0. The magnetic field in
the region is then H; = —V4);. The ferromagnetic stator is assumed to be infinitely

permeable such that 1; vanishes at its boundary.

Let region (a) be the airgap region between the stator and magnetic charge or
Amperian current. Let region (b) be the air beyond the magnetic charge or Amperian
current. Figure C-2 shows these regions if either the lower or upper boundary of the
magnet is considered. Each boundary problem can be solved separately, and the

solutions can be added via superposition.

The magnetic scalar potential in region (b) must decay as y — oo, so the scalar

_ 9%y
oy

potential has an e~ component. The y-directed component of H,, is Hy =
This y-directed component must match the magnetic charge boundary condition of
M, =Y M, sin (nkx), so the scalar potential must have a sin (nkz) term. Therefore,

the form of v, is

P =3" B,e "™ sin (nkx) (C.11)

The H-field therefore has the form:

HY = —aaH = — (nk) Bpe " cos (nkx) (C.12)
x
OH
(b) _ v —nky o:
b 9 (nk) Be™ " sin (nkx) (C.13)

For region (a), the magnetic scalar potential vanishes at the stator surface. Therefore,
the scalar potential has a sinh (nky) component such that the scalar potential equals
zero when y = 0 (i.e., at the stator surface). Similar to region (b), the y-directed com-
ponent must match the magnetic charge boundary condition, so the scalar potential

must have a sin (nkz) term. Therefore

@ =" A, sinh (nky) sin (nkz) (C.14)

286



[T

ey

‘| .

Ferromagnetic Stator }_/9

(a) General layout of boundary value problem.

Region (b)

& @

Y
g Region (a) I
» T
Ferromagnetic Stator }Jg

(b) Regions for lower boundary value problem.

Region (b)

W@ —————— ® p

Y
g Region (a) I
» T
Ferromagnetic Stator }_/g
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and the H-field has the form

(a)
H® = — 618-1 = — (nk) A, sinh (nky) cos (nkz)
x
OH@
(@) — _ - _ i
H, e (nk) A, cosh (nky) sin (nkz)
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Figure C-2: The Halbach array analysis is separated into two, 2-dimensional boundary
value problems.

(C.15)

(C.16)

At the lower magnet surface, y = ¢, the continuity condition for the magnetic charges



states

b a :
H§ ) — H}(, ) = — M, sin (nkx)
(nk) B,e " sin (nkz) + (nk) A, cosh (nkg) sin (nkz) = —M,, sin (nkz)

(nk) Bpe™ "™ 4 (nk) A, cosh (nkg) = —M,
for the Amperian currents,

HY (y=g) — H (y = g) = K, cos (nkx)

— (nk) Boe™™9 cos (nkx) + (nk) A, sinh (nkg) cos (nkx) = K, cos (k)

— (nk) B,e ™9 + (nk) A, sinh (nkg) = K,
Combining these equations,

2 (nk) Al*we" (sinh (nkg) + cosh (nkg)) = K,, — M,

2 (nk) Ayvre™s = K, — M,

(K,, — M,) e "k9
2nk

lower __
A, =

(C.17)
(C.18)
(C.19)

(C.20)
(C.21)
(C.22)

(C.23)
(C.24)

(C.25)

At the top of the magnet (i.e., y = ¢ + tmag), the solution has a similar form, but

g — g + tmag and the solution is negated since the magnetic charge and Amperian

current boundary conditions have the opposite form. Therefore,

(=K, + M,) e~mh(o+tma)

Aupper
" 2nk
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The total y-directed H-field in region (a) is therefore

Héa) =— ) (nk) (A:‘Lpper + Aifwer) cosh (nky) sin (nkx) (C.27)
nodd
=-> (A,‘fbpp” + Aff“"”") cosh (nky) sin (nkx) (C.28)
nodd
(M, — I,) (ko tnas) _ ¢=nis)
=-Y 5 cosh (nky) sin (nkz) (C.29)
nodd
4
= nozd:d — sin <nZ) <1 + sin (ng)> (e_”k(tmaﬁg) — g—”kg) cosh (nky) sin (nkx)
(C.30)

The B-field is B?S“) = [LQH?SCL). At the stator surface (y = 0), which is used to estimate
voltage, the y-directed B-field solution is:

4
By (x) = — n%i:d BO% sin <nZ> (1 + sin (n;T)) (e’"kg - e’”k(‘”tmg)) sin (nkx)
(C.31)
where By is the remanent flux density of the magnets and ?,,,5 is the magnetic thick-

ness.

C.3 Polar Coordinates

The boundary conditions in the polar coordinate case are the same as those in the
Cartesian coordinate case, except with r0 substituted for x. Let the inner radius of
the magnet array be Ry; and the outer radius be Ry, = Ry + tmag. The stator outer
radius is R; = Rp; — g. The magnetic fields are solved similar to the rectangular

coordinates case. For R; < r < Ry,
H, = (—Arp_l + Br_p_l) sin (ph) (C.32)
Hy = (Arp_l + Br_p_1> cos (pf) (C.33)

For r > Ry,
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H, = Cr~"sin (pf) (C.34)

Hy = Cr~"" cos (pf) (C.35)

Since the stator is ferromagnetic, the azimuthal fields at the airgap interface, R;,

are zero. Therefore,

Hy(R;) = (ARI™" + BR;”") cos (pf) = 0 (C.36)
ARV 4+ BR;" ' =0 (C.37)
B=—ARY (C.38)

The two boundary conditions at R, are therefore:

N\ 2np
_ AR <1 + (Rb) ) _CL R = M, (C.39)
1 R\ 1
AR (1 - <Rb) > _CRT = K, (C.40)
Therefore,
M, + K,
= (C.41)
b
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C.4 Terminal Voltage

The voltage induced in the electric machine winding is the magnetic flux density, B,
times the length of the winding, ¢, times the rotational velocity, U. Therefore, for a
winding with N, turns,

V = 2N,B, (U (C.43)

The factor of two accounts for the two active sides of the winding that spans the pole
pair and links the magnetic flux density. The rotational velocity can be approximated

as U = 1,42, so that

V = 2N, B, lr,U (C.44)

C.5 Power and Torque

The power is defined since it is a requirement for the demonstrator. The required

current to generate this power is therefore

Preq
3N:V1

(C.45)

[req =

where N, is the number of parallel circuits and V; is the fundamental component of
the electric machine internal voltage.

The torque is then estimated as

o VaIa + %Ib + ‘/cIc

T
Q

(C.46)
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